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NARROW GAP WELDING OF PT-3V TITANIUM ALLOY
WITH A CONTROLLED MAGNETIC FIELD

S.V. Akhonin, V.Yu. Bilous, R.V. Selin, I.K. Petrichenko, L..M. Radchenko, S.B. Rukhansky

E.O. Paton Electric Welding Institute of the NASU
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ABSTRACT

Tungsten inert gas (TIG) narrow-gap welding of titanium alloys is a cost-effective and efficient method for joining thick ti-
tanium alloy structures. The technology of narrow-gap welding of titanium alloys with a magnetically-controlled arc enables
a wide range of welding parameter adjustments. This study considers the application of narrow-gap welding with a tungsten
electrode and a controlled magnetic field for producing joints of PT-3V titanium alloy plates with thicknesses of 45 and 64 mm.
The strength of the welded joints of PT-3V titanium alloy produced by narrow-gap welding with a controlled magnetic field
reaches 636 MPa, which is 85 % of the base metal strength, and it is comparable to the properties of welded joints made using
the conventional gas tungsten arc welding technology. Application of the obtained results allowed welding joints of titanium
alloys with variable thicknesses ranging from 45 to 65 mm while maintaining the same number of passes.

KEYWORDS: narrow-gap welding, titanium, titanium alloy, TIG welding, tungsten electrode, controlled magnetic field, heat
input, structure, microstructure, mechanical properties, metallography

INTRODUCTION

Narrow-gap welding is an economical and effective
way to join thick metal [1, 2]. Reducing the con-
sumption of filler wire, inert gas, and other welding
consumables, as well as the labour intensity of pre-
paring the edges of the parts to be welded, are fac-
tors that are particularly important when welding ti-
tanium and titanium-based alloys [3]. A well-known
method of welding titanium is the Gas Tungsten Arc
Narrow-Gap Welding (GTAW-NG) using a magnet-
ically-controlled arc, developed at the E.O. Paton
Electric Welding Institute of the NAS of Ukraine [4].
This welding method has the following advantages:
small width of the produced weld and small volume
of the deposited metal. Another advantage is the sim-
ple shape of the edges to be welded.

As is known, GTAW-NG can be performed with-
in a wide range of welding current values, welding
speeds, and filler wire feed rates [5, 6]. At the same
time, it is possible to deposit a metal layer with a
thickness from 3 to 8§ mm or more in a single pass.
The increased thickness of the metal layer deposited
in a single pass allows reducing the number of pass-
es required to fill the gap, which in turn improves
the efficiency of the welding process. However, the
main condition when choosing a welding mode for
titanium alloys is producing a defect-free joint [7, §].
An excessive increase in the thickness of the metal
layer deposited in a single pass can cause defects in
the weld [9, 10]. A characteristic defect of multilayer
narrow-gap welding of titanium alloys is the lack of

Copyright © The Author(s)

fusion between the weld metal and the base metal, as
well as interlayer lacks of fusion in the weld [11, 12].

The technology of narrow-gap welding of titani-
um alloys with a magnetically-controlled arc allows
changing not only the heat input of the welding pro-
cess [13—15], but also the parameters of the controlled
magnetic field, such as the magnetic induction in the
arc zone and the reversal frequency of the controlled
magnetic field [16].

Thus, it is advisable to conduct research to deter-
mine the influence of such parameters of the process
of narrow-gap welding of titanium alloys with a mag-
netically-controlled arc, such as the magnitude of the
magnetic induction of the controlled magnetic field,
as well as the value of the heat input, on the properties
of welded joints of PT-3V titanium alloy.

THE AIM

of the work is to investigate the influence of the induc-
tion value of the controlled magnetic field and the heat
input value of the narrow-gap welding process with
a tungsten electrode of PT-3V titanium alloy on the
structure and mechanical properties of welded joints.

MATERIALS USED IN THE STUDY

To achieve the set aim, multilayer welding was per-
formed on specimens of 45 and 65 mm thick, made
of PT-3V titanium alloy in accordance with GOST
1050-88. The length of the test specimens for weld-
ing was 600 mm.

A 3 mm titanium filler wire diameter of 2V grade,
recommended for PT-3V titanium alloy, was used as
an additive. Welding was performed with application
of external controlled magnetic field to deviate the

3
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Figure 1. Scheme of assembling specimens for welding: / — side
walls of a narrow gap; 2 — remaining backing plate; 3 — welds
for welding-on the backing plate to the side walls

arc. The work used EVI-2 tungsten electrodes with
a diameter of 5 mm. Welding was performed at di-
rect current with straight polarity. A VDU-501 weld-
ing current source was used. The welding current was
selected within the range of 420480 A, and the arc
voltage was maintained at 12 V by an automatic arc
voltage control system. The feed rate of the 2V filler
wire of 3 mm diameter into the weld pool varied be-
tween 64 and 82 m/h.

The parts were assembled for welding using a
remaining backing plate, which was manually weld-
ed-on to the back side of the part [17] (Figure 1). This
backing plate serves as the bottom wall of a narrow
gap when performing the first pass. After completing
the root pass, filling passes were performed. To weld
a butt with a thickness of 65 mm, 13 passes are re-
quired, i.e., a 5 mm thick layer of metal is deposited
when welding using the existing technology. If the
thickness of the metal layer deposited in a single pass
is increased, the overall efficiency of the welded joint
production process will be improved.

The scheme of multilayer welding process is
shown in Figure 2. Welding is performed with a tung-
sten electrode that is lowered into a narrow gap. At
the same time, the filler wire is fed perpendicular
to the electrode into the head part of the weld pool.
The controlled magnetic field is created by a special
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Figure 2. Scheme of the process of multilayer narrow-gap weld-
ing with a tungsten electrode: / — tungsten electrode; 2 — filler
wire; 3 — plates to be welded; 4 — remaining welded-on backing
plate
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Figure 3. Scheme of melting the side walls of a narrow gap and
location of the welding arc: a, b — extreme positions; 4, — height
of the weld metal layer being deposited

electromagnet with a narrow core located in a narrow
gap [17]. As a result of the interaction of the magnet-
ic field with the arc current, a Lorentz force arises,
which deviates the arc and causes displacement of the
anode spot to the side wall.

The scheme of melting the side walls of a narrow gap
during narrow-gap welding with a tungsten electrode
with an external controlled magnetic field is shown in
Figure 3. The value of the anode spot displacement to
the side wall is proportional to the magnetic induction
value of the controlled magnetic field. From the present-
ed scheme, it can be concluded that in order to ensure
guaranteed fusion of the weld metal layer with a height
h_with the side wall, it is necessary to deviate the weld-
ing arc so that the anode spot rises along the side wall to
the corresponding height /_and melts the metal.

Welding modes with different values of heat input
and magnetic induction of the controlled magnetic field,
which ensure high-quality formation of the deposited
bead surface and the absence of lacks of fusion of the
deposited metal of the weld with the side walls of weld-
ed joints of PT-3V titanium alloy are given in Table 1.
Macrosections of welded joints are shown in Figure 4.

Welding according to parameters of modes No. 1
and No. 3 ensures high-quality formation of the de-
posited bead surface of the PT-3V titanium alloy spec-
imen. Moreover, GTAW-NG with a controlled mag-
netic field and the highest feed rate of the filler wire
at 82 m/h (mode No. 3, Table 1) provides the highest
height of the deposited metal layer of 7 mm thick in
a single pass. It should be noted that when the feed
rate of the filler wire grows without increasing the
magnetic induction values of the controlled magnetic
field at mode No. 2, the formation of lacks of fusion
is observed in the weld metal. In order to improve the
efficiency of a single pass and deposit a 7 mm thick
layer of metal in a single pass, it is necessary to reduce
the welding speed and increase the welding current
to 480 A. This corresponds to mode No. 2 (Table 1),

4
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Table 1. Modes of narrow-gap welding with a tungsten electrode of PT-3V titanium alloy with an external controlled magnetic field

. I i f th . . . .
Mode Welding speed nduction of the Welding current Heat input (total), Filler wire feed rate,
controlled
number V ,m/h . 1,A kJ/m m/h
v magnetic field, mT v
1 8 8 420 2268 64
5 8 480 4147 64
3 8 11 450 2430 82

A

b

Figure 4. Cross-macrosections of welded joints of PT-3V titanium alloy made by GTAW-NG with a controlled magnetic field: a —
welded joint of 45 mm thickness, mode No. 1; b — welded joint of 65 mm thickness, mode No. 3

which is characterized by a high heat input of the
welding process (4147 kJ/m).

If the magnetic induction value of the controlled
magnetic field is increased from 8 to 11 mT, the height
of the anode spot displacement to the side wall of the
narrow gap and the height of the weld metal layer being
deposited /_ grows (see Figure 4). In this case, it is possi-
ble to increase the feed rate of the filler wire and deposit
a 7 mm thick metal layer probably without reducing the
welding speed and with a slight increase in the heat input
of the welding process, mode No. 3 (Table 1).

STUDY OF THE MICROSTRUCTURE

OF WELDED JOINTS OF PT-3V TITANIUM
ALLOY PRODUCED BY GTAW-NG

WITH A CONTROLLED MAGNETIC FIELD

PT-3V titanium alloy and filler welding wire of 2 V

alloy contains, by wt.%: Fe — up to 0.25; C — up
to 0.1; Si — up to 0.12; V— 1.2-2.5; N — up
to 0.04; Ti — 91.39-95; Al — 3.5-5.0; Zr — up
to 0.3; O — up to 0.15; N — up to 0.006, other
impurities — 0.3. At GTAW-NG with a controlled
magnetic field, no more than 10 % of the base metal
enters the weld metal [4].

The microstructure of the base metal of the
PT-3V alloy is shown in Figure 5. The structure of the
base metal consists of equilibrium primary -grains of
various sizes, framed by a continuous or intermittent
a-phase band (Figure 5, @) of up to 15 pm thick. The
intragranular structure consists of lamellar a-phase
(Figure 5, b) of up to 1.5 um thick (Figure 5, b). A
small amount of B-phase may be present in the spaces
between the a-plates, which is not always detectable
under an optical microscope.

Figure 5. Microstructure of the base metal of PT-3V titanium alloy
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Figure 6. Microstructure of the weld metal of PT-3V titanium alloy made by GTAW-NG with a controlled magnetic field

The microstructure of the PT-3V alloy weld metal
produced by GTAW-NG at mode No. 3 in its middle
part is shown in Figure 6. Equilibrium and elongated
primary grains of various sizes are formed in the weld
metal. Despite the differences in the configuration and
size of the primary grains, the intragranular micro-
structure of the weld metal produced by GTAW-NG
using 2V wire (Figure 6, a, b) of the lamellar type is
very similar to the microstructure of the base metal.
The microstructures of the weld metal produced at
modes Nos 1 and 2 are similar (Figure 6, d).

The microstructure of the PT-3V alloy weld metal
produced by GTAW-NG at mode No. 3 in the fusion
zone is shown in Figure 7. In the fusion zone, the for-
mation of fine primary grains is observed (Figure 7,
a), while the intragranular structure is similar to that
of the base metal (Figure 7, b).

WOk b
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The microstructure of the metal in the heat-affect-
ed zone (HAZ) immediately behind the fusion zone,
namely the coarse-grain region of the PT-3V alloy
produced by GTAW-NG at mode No. 3, is shown in
Figure 8. The metal in this zone consists of equilibri-
um primary grains (Figure 8, a) with a microstructure
similar to the internal microstructure in the grain vol-
ume of the weld metal (Figure 8, b, ¢). In Figure 8, d,
the distribution of dispersed particles of the second
phase, most probably the B-phase, along the boundar-
ies of the a-plates can be observed. The sizes of such
particles are 0.5 um and less (Figure 8, d).

The microstructure of the HAZ metal near the base
metal of the PT-3V alloy, produced by GTAW-NG at
mode No. 3, is shown in Figure 9. The microstructure
of the HAZ metal near the base metal (Figure 9, a, b)
is also very similar to other areas of the welded joint
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Figure 8. Microstructure of the HAZ metal of PT-3V alloy, produced by GTAW-NG with a controlled magnetic field
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Figure 9. Microstructure of the HAZ metal near the base metal of PT-3V alloy, produced by GTAW-NG with a controlled magnetic

field

of the PT-3V alloy, produced by GTAW-NG using 2V
filler wire.

Thus, the microstructure of the metal in the welds
produced at modes Nos 1, 2, and 3 is similar. The
microstructure of the HAZ metal produced at modes
Nos 1, 2, and 3 is also similar. However, the dimen-
sions of the HAZ of joints produced at mode No. 2
(Table 2) are the largest, which is associated with the
highest value of the heat input of the welding process
at mode No. 2.

DISCUSSION OF RESULTS

The determination of the mechanical properties of weld-
ed joints of PT-3V titanium pseudo-a alloy, produced by
GTAW-NG with an external controlled magnetic field,

allowed concluding that the lowest strength values in the
post-weld state at a level of 617 MPa are found in joints
made at mode No. 2, with values of welding heat input of
4147 kJ/m (Table 3), which is 82 % of the strength of the
base metal. The highest strength values in the post-weld
state at a level of 643 MPa were found in welded joints
Table 2. Dimensions of the weld and HAZ of welded joints of PT-

3V titanium alloy made by narrow-gap welding with a tungsten
electrode under an external controlled magnetic field

Mode |Heightofthelayer) o1y o | HAZ widih,
deposited in a
number . mm mm
single pass, mm
1 5 11.6 2.85
7.1 12.4 4.95
3 7.0 11.5 2.75
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Table 3. Mechanical properties of the base metal and welded joints of PT-3V titanium alloy, produced by GTAW-NG with an external

controlled magnetic field”

KCV, J/lem?

Specimen type, mode No. 6, MPa G,, MPa 3, % v, %

' Weld HAZ

Base metal of PT-3V 6 = 65 mm 746.6 677.5 12.7 30.8 95.3
Welded joint, mode No. 1 643.2 603.5 12.7 41.2 107.4 77.9
Welded joint, mode No. 2 617.4 559.7 9.0 38.7 112.2 71.7
Welded joint, mode No. 3 636.5 583.4 14.0 46.2 104.7 79.0
2V filler wire.

made at mode No. 1, with the lowest values of welding
heat input of 2268 kJ/m (Table 3), which is 86 % of the
strength of the base metal. The strength values of weld-
ed joints made at mode No. 3 with the highest values
of magnetic induction of the controlled magnetic field
(11 mT, see Table 1) are at a level of 636 MPa, which is
85 % of the strength of the base metal. The mechanical
properties of welded joints made at modes Nos 1 and 3
are similar. To find the reasons for the decrease in the
strength of welded joints made at modes No. 2 with the
highest values of welding heat input and weld and HAZ
sizes, additional studies of the microstructure of welded
joints are necessary [17, 18].

The impact toughness values of specimens with a
sharp notch in the weld metal for welded joints made
at modes Nos 1, 2, and 3 exceed the impact toughness
values for the base metal. This is associated with a
lower content of alloying elements in the weld met-
al, which consists of 90 % filler metal of 2V welding
wire. The impact toughness values of the HAZ for
welded joints made at modes Nos 1, 2, and 3 are lower
than the impact toughness values for the base metal.

Thus, it was found that it is possible to increase
the thickness of the weld metal layer deposited in a
single pass from 5 to 7 mm and to increase the over-
all efficiency of the welding process in a narrow gap
of PT-3V titanium alloy by increasing the magnetic
induction of the controlled magnetic field to 11 mT.
This made it possible to ensure reliable melting of the
side walls of the narrow gap and produce a high-qual-
ity welded joint. The mechanical properties of welded
joints made at a mode with magnetic induction values
of the controlled magnetic field of 11 mT are similar
to the properties of welded joints made using the ex-
isting argon arc welding technology.

The application of the obtained results made it
possible to propose a technology for welding PT-
3V titanium alloy of variable thickness, namely of
45-65 mm thick, with the same number of passes.

CONCLUSIONS

1. The parameters of the GTAW-NG mode with an
external controlled magnetic field of PT-3V titanium
alloy were determined, allowing a 7 mm thick layer of

8

metal to be deposited in a narrow gap of 10 mm wide
in a single pass.

2. The strength of welded joints made of PT-3V
alloy, produced by GTAW-NG with 2V filler wire at a
magnetic induction values of the controlled magnetic
field of 11 mT, is 636 MPa or 85 % of the strength of
the base metal and is similar to the properties of weld-
ed joints made using the existing argon arc welding
technology.

3. The microstructure of the metal in the welds and
HAZ of PT-3V alloy, produced by GTAW-NG using
2V filler wire at modes with elevated magnetic field in-
duction of the controlled magnetic field values, is simi-
lar to the microstructure of the metal in welds produced
using existing argon arc welding technology.

4. The application of the obtained results made it
possible to propose a technology for welding PT-3V ti-
tanium alloy of variable thickness, namely 45—-65 mm
thick, using the same number of passes.

REFERENCES

1. Hori, K., Haneda, M. (1999) Narrow gap arc welding. J. of'

JWS, 3, 41-62.

Dak, G., Khanna, N., Pandey, C. (2023) Study on narrow gap

welding of martensitic grade P92 and austenitic grade AISI

304L SS steel for ultra-supercritical power plant application.

Archiv. Civ. Mech. Eng., 23(14). DOL: https://doi.org/10.1007/

s43452-022-00540-3

3. Luo, Y., Zhang, Z.L., Zhou, C.F. et al. (2017) Effect of narrow
groove MAG welding oscillation parameters on weld forma-
tion. J. Hebei Univ. Sci. Technol., 38(1), 7-12. DOI: https://
doi.org/10.7535/hbkd.2017yx01002

. Akhonin, S.V., Belous, V.Yu., Romanyuk, V.S. et al. (2010)
Narrow-gap welding of up to 110 mm thick high-strength tita-
nium alloys. The Paton Welding J., S, 34-37.

5. Jae-Ho Jun, Sung-Ryul Kim, Sang-Myung Cho (2016) A
study on productivity improvement in narrow gap TIG weld-
ing. J. of Welding and Joining, 34(1), 68—74. DOI: https://doi.
org/10.5781/JWJ.2016.34.1.68

. Nguyen, D.H. (2014) Research on droplet transfer and weld-
ing process of oscillation arc narrow gap GMAW: Master’s
Thesis, Harbin Institute of Technology, Harbin, China.

. Sun, Qing Jie, Hai Feng Hu, Xin Yuan, Ji Cai Feng (2011)
Research status and development trend of narrow-gap TIG
welding. Advanced Materials Research, 308, 1170-1176.
DOI: https://doi.org/10.4028/www.scientific.net/ AMR.308-
310.1170

8. Dong, Z., Tian, Y., Zhang, L. et al. (2024) Research status

of high efficiency deep penetration welding of medium-thick

2.




NARROW GAP WELDING OF PT-3V TITANIUM ALLOY WITH A CONTROLLED MAGNETIC FIELD

plate titanium alloy: A review. Defence Technology, 45, 178—  17. Akhonin, S.V., Bilous, V.Yu., Selin, R.V. et al. (2023) Nar-
202. DOI: https://doi.org/10.1016/j.dt.2024.08.004 row-gap TIG welding of thick steel 20. The Paton Welding J.,
9. Fang, D.S. (2017) Study on the characteristics of three-wire 6, 18-23. DOI: https://doi.org/10.37434/tpwj2023.06.03
indirect arc and its thick-wall narrow gap welding process un-  18. Yujun Hu, Hongjin Zhao, Xuede Yu et al. (2022) Research
der gas protection: Ph.D. Thesis, Dalian University of Tech- progress of magnetic field regulated mechanical property
nology, Dalian, China. of solid metal materials. Metals, 12, 1988. DOI: https://doi.
10. Belous, V.Yu., Akhonin, S.V. (2011) Formation of narrow-gap org/10.3390/met12111988
welded joints on titanium using the controlling magnetic field.
ORCID

The Paton Welding J., 4, 19-22.

11. Shoichi, M., Yukio, M., Koki, T. et al. (2013) Study on the ap-
plication for electromagnetic controlled molten pool welding
process in overhead and flat position welding. Sci. Technol.
Weld. Join., 18, 38—44. DOI: https://doi.org/10.1179/136217
1812Y.0000000070

12. Ding, L., Qin, B., Ge, K. et al. (2023) Microstructures and
mechanical properties of thick Ti—-6Al-3Nb-2Zr—1Mo joint
by magnetron-controlled narrow gap TIG welding. Metals
and Materials Inter., 29(8), 2304-2315. DOI: http://dx.doi.
org/10.1007/s12540-022-01367-6

13. Wang, J., Sun, Q., Feng, J. et al. (2017) Characteristics of
welding and arc pressure in TIG narrow gap welding using
novel magnetic arc oscillation. The Inter. J. of Advanced
Manufacturing Technology, 90, 413-420. DOI: https://doi.
org/10.1007/s00170-016-9407-5

14. Wan, L., Huang, Y., Lv, S. et al. (2016) Narrow-gap tungsten
inert gas welding of 78-mm-thick Ti—-6A1-4V alloy. Materials
Sci. and Technology, 32(15), 1545—1552. DOI: https://doi.org
/10.1080/02670836.2015.1131941

S.V. Akhonin: 0000-0002-7746-2946,
V.Yu. Bilous: 0000-0002-0082-8030,
R.V. Selin: 0000-0002-2990-1131,

LK. Petrichenko: 0000-0002-0476-3983,
L.M. Radchenko: 0009-0008-1097-7137,
S.B. Rukhansky: 0009-0002-1260-3688

CONFLICT OF INTEREST
The Authors declare no conflict of interest

CORRESPONDING AUTHOR

V.Yu. Bilous

E.O. Paton Electric Welding Institute of the NASU
11 Kazymyr Malevych Str., 03150, Kyiv, Ukraine.
E-mail: belousvy@gmail.com

SUGGESTED CITATION
S.V. Akhonin, V.Yu. Bilous, R.V. Selin,

15. Fang, N., Guo, E., Huang, R. et al. (2021) Effect of welding

heat input on microstructure and properties of TC4 titanium
alloy ultra-narrow gap welded joint by laser welding with
filler wire. Materials Research Express, 8(1), 016511. DOI:
http://dx.doi.org/10.1088/2053-1591/abd4b3

16. Xinyu Bao Yonglin Ma, Shuqing Xing, Yongzhen Liu, Weiwei
Shi (2022) Effects of pulsed magnetic field melt treatment on
grain refinement of Al-Si—-Mg—Cu-Ni alloy direct-chill cast-
ing billet. Metals, 12(7), 1080. DOI: https://doi.org/10.3390/
met12071080

[.K. Petrichenko, L.M. Radchenko, S.B. Rukhansky
(2025) Narrow gap welding of PT-3V titanium alloy
with a controlled magnetic field. The Paton Welding

J.,9,3-9.

DOI: https://doi.org/10.37434/tpw;j2025.09.01

JOURNAL HOME PAGE
https://patonpublishinghouse.com/eng/journals/tpwj

Received: 25.02.2025
Received in revised form: 04.04.2025
Accepted: 15.09.2025

CALL FOR PAPERS € IEEE
|IEEE STEE-2026

2026 IEEE 8™ INTERNATIONAL CONFERENCE

Questions to Organizing Committee:
stee@ieee.org.ua

Learn more:

https:listee.ieee.org.ua

ON SMART TECHNOLOGIES IN POWER ENGINEERING AND

ELECTRONICS

IEEE Kyiv Polytechnic Week
Igor Sikorsky Kyiv Polytechnic Institute
April 27-30, 2026, Kyiv, Ukraine




THE PATON WELDING JOURNAL, ISSUE 09, SEPTEMBER 2025

ISSN 0957-798X

DOIL: https://doi.org/10.37434/tpwj2025.09.02

MATHEMATICAL MODELLING OF THERMAL PROCESSES
IN FRICTION STIR WELDING OF LIGHT ALLOYS BASED
ON MAGNESIUM

0.0. Makhnenko, O.S. Kostenevych, O.V. Makhnenko

E.O. Paton Electric Welding Institute of the NASU
11 Kazymyr Malevych Str., 03150, Kyiv, Ukraine

ABSTRACT

Mathematical modelling of thermal processes in welding is one of the effective methods for predicting the quality of a welded
joint depending on technological parameters. However, to develop an adequate mathematical model, it is necessary to take into
account a number of factors that can significantly affect the accuracy of the results of the computational analysis. Using the
example of the problem of mathematical modelling of temperature distributions in friction stir welding (FSW) of a butt joint
of plates of magnesium MA2-1 (AZ31) alloy of different thicknesses (2 and 8 mm), a computational study of the distribution
of maximum temperatures and thermal cycles at points at different distances from the welded joint axis was carried out. It was
found that the results of mathematical modelling of heat conductivity processes during welding heating in FSW are influenced
by several aspects. One of the significant among them is heat dissipation into the working tool and fixing tools. Also, to ensure
the accuracy of calculation of temperature distributions during FSW, it is important to choose the optimal sizes of the butt joint
model in order to avoid the effect of heat accumulation in a model of a limited size, and to take into account the dependence
of the friction coefficient on the temperature of the material, since its value determines the power of heat generation in FSW.
Based on the results obtained, recommendations are formulated for conducting mathematical modelling of thermal processes
in FSW of light alloys.

KEYWORDS: friction stir welding, temperature distributions, thermal cycles, heat dissipation, work tool, backing plate,

mathematical modelling, finite element analysis

INTRODUCTION

Today, mathematical modelling of various physical
processes is becoming a powerful tool in the devel-
opment of new technologies for the manufacture and
treatment of materials, including welding and related
technologies. The procedure for mathematical mod-
elling of temperature distributions, mechanical prop-
erties, and the stress-strain state of welded joints is
regulated by the acting ISO standard [1], which for-
mulates in sufficient detail the requirements for the
preparation of input data, model development, model
verification and validation, calculations, analysis, and
presentation of modelling results. Although the acting
standard concerns computer modelling of arc welding
processes, the requirements formulated there can be
effectively used for other welding processes, such as
friction stir welding (FSW).

The adequacy of the mathematical finite element
model and the accuracy of the results obtained from
the analysis of thermal processes (temperature dis-
tributions) during FSW of magnesium alloy plates
depend not only on the heating source model and
the choice of finite element mesh size, but also on
a number of other factors, such as: taking into ac-
count heat dissipation into the working tool and fix-
ing tools (clamps, backing plate), the overall sizes
of a welded joint specimen model, variations in the

Copyright © The Author(s)
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thermophysical properties of the base material, etc.
It is clear that these factors can significantly affect
the reliability of the results obtained from the finite
element analysis, but determining the extent of their
impact on the accuracy of the results of tempera-
ture distributions and thermal cycles during FSW is
usually beyond the scope of the results presented in
the articles or is not carried out at all. Taking into
account heat dissipation into the working tool and
fixing tools in the finite element model of a welded
joint during FSW is found in a limited number of
works [2—4]. Researchers mostly use a simplified
heating source model without modelling the work-
ing tool or do not take into account heat dissipation
into the fixing elements [3—6].

WITH THE AIM

of studying the impact of the above factors on the na-
ture and magnitude of the distribution of maximum
temperatures during FSW of light alloys, as well as on
the parameters of thermal cycles in points at different
distances from the welded joint axis, a computational
study was carried out using the example of a mathe-
matical modelling problem for temperature distribu-
tions during FSW of a butt joint of MA2-1 (AZ31)
magnesium alloy plates of different thicknesses
(2 and 8 mm) using FSW. Based on the results ob-
tained, recommendations were formulated for math-
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ematical modelling of thermal processes during FSW
of light alloys.

MATHEMATICAL MODEL OF
TEMPERATURE PROCESSES DURING FSW

For mathematical modelling of residual stresses
during FSW of aluminium alloy, a previously devel-
oped model [7] was used, which was supplemented
by taking into account heat dissipation into the work-
ing tool and backing plate.

Heat conductivity equation in the presence of bulk
heat dissipation with a power of W(x, y, z, ), W/m?:

}\,a—Tj+i }\la_T +
ox ) oy\ Oy
of,0

+—(7»—Tj +W(x,y,z,t),
0z

cp—=

oT Q(
ot Ox

(M

Oz

where T is the temperature, °C; c is the specific heat
capacity, J/kg-°C; p is the material density, kg/m?; A is
the thermal conductivity coefficient, W/(m-°C).

A distinctive feature of the developed FSW heat-
ing source model is heat generation due to friction be-
tween the tool and the joint material. The tool rotates
around a vertical axis at a certain angular velocity o,
rpm/s, and is pressed against the plates with an axial
force P, Pa, which causes a heat flow into the joint
material at the contact surface of the tool (Figure 1):

T
Ka—:M'PH'(D'F, ®))
on
where p is the coefficient of friction;

r= \/(x - Xy — vwz‘)2 +(y-y )> is the distance of the
considered contact point from the axis of rotation of
the working tool (x,+ v £, y,); v, is the linear velocity
of the tool.

Then, the heat dissipation power O, W, on the corre-
sponding contact surfaces with an area S (Figure 1) is:
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0 is the thickness of the plates being welded, m; 4 is
the length of the pin entering the material, m.
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Figure 1. Schematic diagram of the working tool in FSW

In order to simplify the model, the bulk heat dis-
sipation power W(x, y, z, t), W/m?, can be modelled
from two components. The first one is related to heat
dissipation in volume ¥ on the upper surface of the
joint plates under the tool arm (6 —dz <z < §, R, <
<r < R); dz is the size of the finite element, and the
second one is in the volume of the pin V, (6 — & <
<z<80>r>R):
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2T[ 3 3
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The boundary conditions on the contact surfaces
between the elements of the joint and the working
tool, as well as with the backing plate due to contact
heat dissipation, were set in the form (Figure 2):

q¢=x921%§ﬁfi2=—k42~—TL (i=1,2)
n

where ¢, is the heat flow at the contact surface of the
tool and the welded joint (i = 1) and on the contact
surface of the welded joint and backing plate (i = 2);
T is the surface temperature of the tool or backing
plate, respectively; &, is the contact heat dissipation
coefficient, W/(m?-°C).

The boundary conditions on the surfaces of the el-
ements of the joint and the working tool, taking into
account the convective heat exchange with the envi-
ronment, were defined as follows:

®)

1
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Figure 2. Schematic diagram of heat flows in FSW
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where ¢, is the heat flow on the surface of the welded
joint elements (i = 3) and on the surface of the tool
(i = 4); T, is the ambient temperature; 4, is the heat
dissipation coefficient from the surface during con-
vective heat exchange with the environment (usu-
ally, under conditions of natural convection in air
T,=20°C, h=10-20 W/(m?-°C)).

To perform mathematical modelling of heat dissi-
pation processes during welding heating, data on the
thermophysical properties of the base material of the
joint depending on temperature are required (Table 1).

The melting temperature range [8, 9] is

=605 °C, T}, =630 °C, the specific heat of melt-
1ng Q1 =357 kJ/kg The friction coefficient for mag-
nesium alloys is taken at a level p = 0.3-0.4 [3, 6, 9].

The material of the plate (size is 300x300 mm)
is MA2-1 (AZ31) magnesium alloy. The material
of the FSW working tool (diameter of the arm in
contact with the plate is 10 mm; diameter in the
other part of the tool is 20 mm; total height of the
tool is 50 mm) is stainless steel. The material of the

Table 1. Thermophysical properties of MA2-1 (AZ31) alloy [8]

7,°C | @105 1°C [A, Wim°C)|c,, J(kg°C)| p. kg/m’
20 24.92 102 1008 1785
100 25.56 107 1042 1775
200 26.48 112 1076 1761
300 27.40 118 1109 1746
400 28.32 123 1143 1730
500 29.25 125 1193 1714
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backing plate (10 mm thick and 150 mm wide) is
stainless steel.

Based on the results of experimental studies
[10], the technological parameters of the FSW pro-
cess were set to ensure high-quality formation of
a welded joint of plates with a thickness 6 = 2 and
8 mm. The angular velocity of the working tool was
® = 1420 rpm, and the linear velocity of the tool
was v = 133 mm/min.

Based on the experimental thermogram of the
welding process recorded by a thermal imager, it was
determined that the temperature on the outer surfaces
of the welded joint plates and the tool during FSW did
not exceed 355 °C. According to the results of math-
ematical modelling, the temperature in the contact
zone between the tool and the plate material will be
higher (approximately at a level of 450-600 °C).

For a plate with a thickness of 2 mm, the vertical
pressure on the tool is P = 28 MPa. If the friction co-
efficient is taken as p = 0.4, then the total power of the
heating source according to (4) is W = 1.8-10° W/m°.
For a plate with a thickness of 8 mm, the vertical pres-
sure on the tool was set higher, namely P = 55 MPa.
The total power of the heating source is W= 3.5-10° W/m?
to ensure a maximum heating temperature of the ma-
terial not lower than 450 °C.

To account for heat dissipation in the welded joint
model, it was necessary not only to create addition-
al models of the working tool and backing plate, but
also to set boundary conditions for heat dissipation
and heat exchange with the environment.

The heat dissipation coefficient between the tool
and the plate was taken as k, = 5000 W/(m*°C). The
heat dissipation coefficient between the plate and the
backing plate was assumed to be k£, = 1000 W/(m*°C).
The convective heat dissipation coefficient from the
surface of the tool rotating at high velocity was tak-
en as h = 50 W/(m*°C), and the convective heat
dissipation coefficient from the surface of the plate
was taken as i, =20 W/(m*°C).

The total calculation time for the FSW process is
37 s, of which the first 13 s the working tool rotates to
heat the plate material to 450 °C.

The procedure for selecting the size of the fi-
nite element mesh for the model for determining
the temperature distribution during FSW for plates
with a thickness of 2 and 8 mm was carried out,
provided that when the size of the finite element is
reduced twice, the relative maximum error of the
results should not exceed 5 %. From the data pre-
sented in Figure 4, it can be concluded that a finite
element mesh size of 1 mm is optimal in terms of
ensuring the necessary accuracy of results and effi-
cient use of computer resources.
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IMPACT OF HEAT DISSIPATION
INTO THE WORKING TOOL
AND FIXING TOOLS (BACKING PLATE)

Using a developed finite element model (Fig-
ures 3, 4), which contains a magnesium alloy plate,
a working tool, and a stainless steel backing plate, a
numerical study of the heat conductivity problem was
performed during the movement of the working tool
(heat source) in FSW, taking into account the heat
dissipation process into the working tool and back-
ing plate. The nature and values of the distribution
of maximum temperatures during FSW of the plates
were determined, as well as the parameters of thermal
cycles in points at different distances from the welded
joint axis (Figure 5).

Figure 6 shows the temperature distribution during
FSW of 2 mm thick plates with and without account
for heat dissipation into the tool and backing plate.
It is seen that when heat dissipation is taken into ac-
count, the lower part of the working tool heats up quite
strongly (to approximately 300 °C), and the backing
plate also heats up, but noticeably less (to approxi-
mately 100 °C).

The calculation results based on thermal cycles
during FSW in points at some distance from the weld
axis y = 0; 15 and 30 mm for different variants of ac-

Figure 3. Finite element model of FSW, which includes a work-
ing tool, a magnesium alloy plate, and a backing plate

—@— Plate of 2 mm
=l - Plate of 8 mm

0.5 1.0 1.5 20 25 3.0 35 40 45
Mesh size, mm

Figure 4. Dependence of the maximum values of temperature dis-
tribution in FSW on the size of the finite element mesh for plates
with a thickness 6 =2 and 8 mm

Weld
R -

] P
_—

150 mm

30 mm

1 &j—‘

15 mm

150 mm

-
4 ~

300 mm

<y

Figure 5. Layout of points on the FSW joint specimen at which

thermal cycles were determined

Figure 6. Temperature distribution during FSW of plates with a

thickness & = 2 mm made of MA2-1 magnesium alloy: a — with
heat dissipation into the tool and backing plate; » — without heat
dissipation into the tool; ¢ — without heat dissipation into the

backing plate
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Table 2. Maximum calculated temperatures during FSW of MA2-1 magnesium alloy plates depending on heat dissipation into the

working tool and backing plate

u o
infjtt S;SZI;?";EE Without heat dissipation Without heat dissipation Without heat dissipation
Plate thickness backing plate into the tool into the backing plate into the tool and backing plate
mm

o o Relative devia- R Relative devia- o Relative devia-

max’ max” tion (error), % max® tion (errOr), % max® tion (error), %
451 559 24 663 47 890 97
8 446 498 12 512 15 540 21

count for heat dissipation showed that this factor is
very important and its neglecting can lead to signifi-
cant errors in the results of temperature kinetics at all
stages — heating and cooling.

In the finite element analysis of the heat conduc-
tivity problem in FSW of magnesium alloy plates, ne-
glecting of heat dissipation into the working tool and
backing plate leads to significant errors (24 and 47 %,
respectively) in terms of maximum temperatures for
thin plates of 2 mm thick (Table 2, Figure 7, a).

In the case of welding thick plates of 8 mm thick,
neglecting of heat dissipation into the working tool
and backing plate is not so critical and is associated
with errors that are 2-3 times smaller (12 and 15 %,
respectively) in terms of maximum temperatures (Ta-

ble 2, Figure 7, b). A calculation error of 10-15 % is
acceptable, considering the possible discrepancies in
the input data for the calculation.

IMPACT OF THE SIZES OF THE WELDED
JOINT SPECIMEN MODEL

Another very important aspect of the numerical deter-
mination of the kinetics of temperature distributions
during welding is the overall sizes (width and length)
of a welded joint model, since mathematical model-
ling requires determining the optimal model sizes to
reduce calculation time while maintaining sufficient
accuracy of the results.

To determine the impact of variations in the sizes
of a welded joint model, a comparison was made for

g T.°C
Heat dissipation: Heat dissipation:

700 Full [0 mm] Full [0 mm]

—— Full [15 mm] 500 | |[—— Full [15 mm]
600 [ = Full [30 mm] Ful —— Full [30 mm|

« Into the tool [0 mm| i 5 sessas Into the tool [0 mm|

500 « Into the tool | 15 mm] A 400 |-+~ It the tool [15 mm]
il « Into the tool [30 mm| il \ . wees Into the tool [30 mm]

— — Into the backing plate : " = = Into the backing plate
400 [0 mim] \ 5 300 [0 mm|

— — Inta the backing plate X e e == [nto the backing plate

[ 15 mm] [15 mm]
300 [{— — o the backing plate — — Into the backing plate
|30 mm] 200 [30 mm]
200
100
100
FTTLLLES
0
10 20 30 40 50 60 70 Ls 10 20 30 40 50 60 70 hLs

a

Figure 7. Effect of heat dissipation on thermal cycles during FSW in points at some distance from the weld axis y = 0; 15 and 30 mm

(plate size 300%300 mm): ¢ — thickness 2; b — 8 mm

Foe /i

45() [F===-100= 1 00 [0 mm 450 """ 1040 100 [0 mm|
400 === 0 1000 |15 min] 400! 100 100 [15 mm)
o === 00 100 |30 mm] B 100100 [30 me|
350 b= =200200 [0 mm 350 — —200200 [0 mm|
300 = =200200 13 mm] 300 [— =200%200 |13 mm|
= —200+200 [30 mm| [— =200+200 [30 mm|
250 300300 [0 mm 250 [——300=300 [0 mm|
200 |——300< 300 |15 mm] 200 [——3000=300 [15 mm|
x 30 mn (3010300 |30 mm|
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ages
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Figure 8. Thermal cycles during FSW in points at some distance from the weld axis y = 0; 15 and 30 mm for plates of different sizes:

100x100, 200%200, 300x300 mm: a — thickness 2; b — 8 mm
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Table 3. Thermophysical properties of MA2-1 (AZ31) alloy [5, 8, 11]

T, A, Cp A, i A, i p,
°C W/(m°C) 5] J/(kg:C°) [5] | W/(m=°C)[11] | J/(kg°C)[11] | W/(m™C) [8] J/(kg-°C) [8] kg/m? [8]
20 96,4 1050 156 1025 102 1008 1785
100 101 1130 153 1072 107 1042 1775
200 105 1170 151 1118 112 1076 1761
300 109 1210 149 1164 118 1109 1746
400 113 1300 147 1209 123 1143 1730
500 120 1360 146 1255 125 1193 1714

the results of mathematical modelling of heat conduc-
tivity processes during welding heating in FSW for
three variants of model sizes: 100x100, 200x200, and
300%300 mm. The size of the finite element mesh for
all variants was maintained in accordance with the
previously selected parameters.

The calculation results based on thermal cycles
during FSW in points at some distance from the weld
axis y = 0; 15 and 30 mm for plates of different sizes
shown in Figure 8 indicated that at a butt joint model size
of 100x100 mm, heat accumulation and, accordingly,
excessive heating of the entire model occur, which leads
to a significant error in the results of the thermal cycle at
all its stages — heating and cooling, especially for points
located at some distance from the weld axis. This effect
is also enhanced for thicker plates (8 mm). The results
obtained for model sizes 200x200 and 300300 mm are
very close — the error is at a level of 1-2 %. Thus, for
the considered case of FSW parameters, it is possible to
use a model with sizes of 200x200 mm. However, in
the case of welding with higher values of heating power
in FSW, as well as for arc welding, the model size of
300x300 mm is more optimal in terms of ensuring the
accuracy of the temperature field results.

IMPACT OF VARIATION OF VALUES
IN THE THERMOPHYSICAL PROPERTIES
OF THE MATERIAL

As shown by the analysis of literature data, there is a
noticeable difference in the values of these properties

(Table 3, Figure 9) with regard to data on the ther-
mophysical properties depending on the temperature
of the base material of the welded joint of AZ31
(MAZ2-1) magnesium alloy [5, 8, 11].

To determine the effect of variations in the values
of the thermophysical properties of the material, a
comparison was made for the results of mathematical
modelling of heat dissipation (thermal conductivity)
processes during welding heating in FSW for three
variants of these properties. Two variants of proper-
ties were taken from literature sources specifically for
the AZ31 (MAZ2-1) alloy, and the third variant corre-
sponds to pure Mg, since this chemical element con-
stitutes approximately 95 % of the alloy under con-
sideration.

Figure 10 shows the results of calculating thermal
cycles during FSW in points at some distance from
the weld axis y = 0; 15 and 30 mm for a 300300 mm
plate and based on different thermophysical proper-
ties. It is seen that if the values of the properties differ
within 5 %, as for the data [5, 8], then the error of the
thermal cycle results does not exceed a few percent.
In the case of a significant (from 20 to 50 %) devi-
ation in the thermal conductivity coefficient of pure
Mg [11], the results for the maximum temperatures
of thermal cycles already have an error of more than
20 %. l.e., the variation in the values of the thermo-
physical properties of the material can lead to an error
in the results of mathematical modelling of heat con-
ductivity processes during welding heating in FSW,

Cp, J(kg-°C) A Wim-=C)
ﬁ"--.‘._____‘______‘__-‘—--‘
1400 140
1200 120
1000 100
800 80
—— AZ31[6] —— AZ3l 6]

o — = AZ31[3] w — = AZ3I[3]
400 - b~ = Pure Mg [9] 40 o= A== Pure Mg [9]
200 20

0 100 200 300 400 500 i e 16 100 200 300 400 500 + Rl 0

a

b

Figure 9. Dependence of the specific heat capacity and thermal conductivity of AZ31 magnesium alloy on temperature according to

various data [5, 8, 11]
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Figure 10. Thermal cycles during FSW in points at some distance from the weld axis y = 0; 15 and 30 mm and according to various
data on thermophysical properties (300%300 mm plates): ¢ — thickness of 2; b — 8 mm
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Figure 11. Thermal cycles during FSW in points at some distance from the weld axis y = 0; 15 and 30 mm according to various data on
the dependence of friction coefficient on temperature (300%300 mm plate): a — thickness of 2; b — 8 mm

Table 4. Dependence of friction coefficient on temperature [12]

T,°C n
20 0.4
100 0.4
200 0.4
250 0.4
300 0.35
400 0.25
500 0.09

but this error corresponds to the deviation in the val-
ues of the properties themselves.

The influence of the dependence of friction coeffi-
cient on temperature on the results of modelling tem-
perature distributions during FSW of magnesium al-
loy plates was also investigated. Figure 11 shows the
thermal cycles during FSW of plates of 300300 mm
and with a thickness & =2 and 8 mm in points at some
distance from the weld axis y = 0; 15 and 30 mm ac-
cording to different data on the dependence of the
friction coefficient on temperature, namely at a con-
stant value p = 0.4 and at a dependence of p = A7)
(Table 4) [12]. According to the thermal cycles pre-
sented in Figure 11, at a constant value of the friction
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coefficient, higher values of maximum temperatures
were obtained.

CONCLUSIONS

1. In finite element analysis of heat conductivity prob-
lem during FSW of thin 2 mm thick magnesium alloy
plates, neglecting of heat dissipation into the working
tool and fixing tools leads to significant errors in the
maximum temperature values (above 40 %) and for
thick plates with a thickness of 8 mm, this error is no
longer so critical (up to 15 %).

2. With a limited size of a butt joint model of
100x100 mm, heat accumulation and excessive heat-
ing of the entire model are observed, which leads to
a significant error in the results of the thermal cycle
at all its stages — heating and cooling, especially for
points at some distance from the weld axis. This ef-
fect is also enhanced for thicker plates (8§ mm). For
the considered case of FSW parameters, it is possible
to use a model with sizes of 200200 mm to deter-
mine the temperature distributions, but in the case of
welding with higher heating power values, a model
size of 300x300 mm will be more optimal in terms of
ensuring the accuracy of the temperature field results.
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3. Variations in the values of thermophysical prop-
erties of the material can lead to errors in the results of
mathematical modelling of heat conductivity process-
es during welding heating in FSW, but this error, as a
rule, does not exceed the deviation of the properties
themselves. The dependence of the friction coefficient
on the material temperature is important for ensuring
the accuracy of calculating temperature distributions
during FSW, since its value determines heat genera-
tion power during FSW.
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ABSTRACT

The results of mathematical modeling of temperature fields and hydrodynamic laminar flows of the liquid metal during electron
beam melting of titanium alloy ingots are presented. The calculations were performed using the developed three-dimensional
mathematical model based on the finite element method taking into account a number of simplifications and assumptions. The
model allows determining the regularities of thermal and hydrodynamic processes occurring in a continuous water-cooled
mould during ingot melting, and the geometry of the liquidus-solidus interphase transition zone, and accordingly, of the metal
crystallization front, which significantly affects the quality of the metal during ingot formation. We calculated the parameters of
the melting process for ingots of a small diameter of 110 mm from the medical Ti-6Al-7Nb titanium alloy with such a crystal-
lization front, for which the production of high-quality metal with a homogeneous structure and a homogeneous distribution of
alloying elements in the ingot volume is ensured. It was found that the heat and mass transfer in the liquid metal is significantly
affected by the power of the electron beam and its distribution over the pool surface, and the heat transfer is mainly predeter-

mined by the movement of the melt.

KEYWORDS: electron beam melting, titanium alloys, mathematical modeling, heat and mass transfer, metal crystallization front

INTRODUCTION

Light, strong, biocompatible, and non-toxic implants and
endoprostheses made of metals and special alloys for
medical long-term use are widely used in surgery. About
60 % of the market is occupied by implants made of
metal, and titanium and its alloys are the leaders among
these products [1], since their strength is equal to that of
cobalt alloys, exceeds that of stainless steels, and has a
modulus of elasticity that is twice lower (55-112 GPa),
while that of chromium-cobalt alloy is 240 GPa and that
of chromium-nickel stainless steels is 210 GPa. Such a
low elasticity index is extremely important for joint and
bone endoprostheses and implants, as it is closer to the
indices of human bones, where it is 27.8-30.0 GPa in the
longitudinal direction and 11.0-11.5 GPa in the radial
and azimuthal directions.

The corrosion-resistant low-toxicity [2] Ti-6Al1-4V
alloy is widely used in medicine, as it surpasses stainless
steels and cobalt alloys in terms of biological compati-
bility. Ti-6Al-4V alloy contains an order of magnitude
less hazardous vanadium (4 % by weight) compared to
stainless steels, in which the mass concentration of toxic
nickel and chromium exceeds 30 %.

In modern metallurgy, there is a task to improve the
technology for melting the latest medical titanium al-
loys without toxic alloying elements. At present, these
are the latest titanium alloys with niobium, niobium
and zirconium, and molybdenum and zirconium, which
are close in their mechanical properties to Ti-6Al-4V

Copyright © The Author(s)
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alloy [3]. The alloys are non-toxic to the human body
and have excellent biological compatibility, corrosion
resistance, and ductility. Thus, the elastic modulus of
Ti—6Al-7Nb alloy is less than 40 GPa.

In the future, titanium alloys may replace stain-
less steel and cobalt alloys in prosthetics, and surface
modification of products, such as mechanical, ther-
mal, cryogenic, electroerosion, chemical treatment,
spraying, etc., further improve the modulus of elastic-
ity, corrosion and wear resistance, reduce ion release
to prevent inflammation, enhance antibacterial prop-
erties, biocompatibility, and adhesion [4—11].

The E.O. Paton Electric Welding Institute of the NAS
of Ukraine (PWI) has developed electron beam melting
(EBM) technology for the production of defect-free,
high-quality titanium alloy ingots with a guaranteed
chemical composition, including those for medical use.

One of the key factors affecting the quality of melting
titanium alloy ingots is metal crystallization. The trans-
formation of metal from a liquid to a solid state is ac-
companied by complex heat and mass transfer processes
and rapid physical and chemical processes. The uneven
temperature field in the volume of the metal ingot af-
fects the formation of the crystallization front profile and
leads to differences in the structure and chemical com-
position of the metal at the center and periphery of the
ingot, the presence of shrinkage and liquation phenom-
ena, etc. This significantly affects the quality of the final
structure of the metal ingots.

Conducting full-scale experiments of metallurgi-
cal processes is associated with significant material
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costs, which determines the prospects for using CFD
modeling (CFD — Computational Fluid Dynamics)
of high-temperature heat and mass transfer process-
es. Based on a small amount of experimental data,
numerical modeling with significantly lower materi-
al costs allows calculating and obtaining, with suffi-
cient accuracy for practical use, predicted qualitative
and quantitative pictures of the phenomena occurring
during metallurgical processes.

Numerical calculation methods and modern com-
puter packages for mathematical modeling allow
using thermophysical indices in the form of approx-
imation functions of temperature, which significantly
brings calculations closer to real processes.

Knowledge of heat and mass transfer processes in
high-temperature melts of titanium alloys during their
EBM and ingot formation is a relevant task in modern
metallurgy. Knowledge of the shape of the metal crys-
tallization front is one of the key factors in selecting
technological modes for melting high-quality ingots. A
homogeneous structure and uniform distribution of al-
loying elements in the ingot is ensured in the case of a
flatter crystallization front, resulting in a more uniform
temperature distribution in the ingot, which is a prerequi-
site for obtaining a homogeneous metal structure.

The aim of the work is to perform mathematical
modeling of thermal and hydrodynamic processes of
EBM of a cylindrical ingot with a diameter of 110 mm
made of titanium Ti—6Al-7Nb alloy with a mass with-
drawal rate of 20 kg/h, identifying the main regulari-
ties of heat and mass transfer processes during melting
and determining the necessary melting modes. For this
purpose, the following tasks must be solved: develop a
mathematical model for calculating thermal and hydro-
dynamic processes in the ingot in the case of laminar
flow of the liquid metal; take into account the thermo-
physical characteristics of the metal with their change
in interphase transition zones; calculate the distribution
of temperature fields in the ingot and laminar hydro-
dynamic flows in the melt pool, and, accordingly, the
shape of the metal crystallization profile.

Achieving this aim will make it possible to deter-
mine the key technological parameters for melting
ingots, which is a relevant issue in the computational
search for the necessary melting process modes, ex-
cluding extremely costly full-scale experiments.

RESEARCH MATERIALS AND METHODS

The object of study in the work is a mathematical
model of heat and mass transfer processes in EBM
of titanium alloy ingot. The subject of study is the
characteristics of hydrodynamic flows in the melt and
temperature fields in the ingot.

The main hypotheses of the research are as follows:
representation of the nature of moving hydrodynamic
flows of the liquid metal as laminar will provide a result

closer to the actual metal crystallization profile than its
turbulent representation [12]; the position of the electron
beam on the surface of the melt pool, its power, and the
rate of ingot withdrawal are the factors that mainly in-
fluence the shape of the metal crystallization front and,
accordingly, the quality of the metal in the ingot.

The following assumptions were made during the
work: the liquid and solid phases of the metal ingot
are considered as a single region with a liquid phase,
while the solid metal corresponds to the volume in
which movement is artificially suppressed by the Dar-
cy braking force (except for the ingot’s withdrawal
rate) and a fixed calculation mesh is used in the fi-
nite element method; the liquidus-solidus (L—S) inter-
phase boundary of the alloy represents a viscous tran-
sition zone in which the boundaries are determined by
the liquidus and solidus temperatures, and the metal
parameters change according to the proposed law rel-
ative to the volume fraction of these phases; the vol-
ume fraction of the metal in the transition zone as a
function of temperature is a smoothed £, ( function
that smoothly changes from 0 to 1, using the mathe-
matical error function erf; approximate dependencies
of the thermophysical parameters of Ti-6Al1-4V and
Ti—6Al-7Nb titanium alloys with smoothed stepwise
phase transitions are used, applying the erf function
with artificially extended temperature limits in phase
transitions [13]; the distribution of the electron beam
thermal power across the surface of the pool mirror
varies according to the Gaussian law; since the lines
of metal crystallization profiles are not visually trace-
able in the melt of the studied Ti—6AI-7Nb alloy, the
experimental determination of these profiles was car-
ried out on an experimental titanium alloy with sim-
ilar physical properties, in which the crystallization
profiles are clearly expressed.

The following simplifications are accepted: liquid
metal is poured into the mould continuously at the
constant rate and a constant rate of ingot withdrawal
is ensured, which allows the problem to be considered
as a stationary process; the mirror of the melt pool
is a flat surface; the molten metal is assumed to be
an incompressible viscous liquid; the heat capacity in
the a—fp and L—S phase transition zones of the alloy
takes into account the equivalent heat capacity and the
heat capacity from the latent heat of phase transitions;
evaporation losses from the melt surface take into ac-
count only the evaporation of titanium.

The mathematical model uses the fundamental
laws of conservation of energy, momentum, and mass,
as well as the corresponding heat and mass transfer
equations based on the Fourier and Navier—Stokes
equations. The finite element numerical method was
used for calculations. The ingots were melted using
research equipment at the PWI [14-16].
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The article is a continuation of research published
by the authors in their work [12].

The originality of the work lies in the fact that, for
the first time, research has been conducted on the lam-
inar nature of melt flow for a selected mould diameter
and the rate of Ti—-6Al-7Nb alloy ingot withdrawal in
the EBM process.

The practical significance of the work lies in the
melting of high-quality titanium alloy ingots with a
homogeneous metal structure.

RESEARCH RESULTS

MATHEMATICAL MODEL OF THERMAL
AND HYDRODYNAMIC PROCESSES

IN A CYLINDRICAL INGOT IN THE CASE
OF LAMINAR METAL MELT FLOW

Let us write down the basic equations [12, 17-19]
used in the model. The Fourier heat transfer equation
in the case of laminar flow of the liquid metal for a
stationary process is written as [18, 20, 21]:

pCpu'VTJr Vq=0;q=-AVT,

where p is the density of the metal, kg/m?; C, is the
specific heat capacity of the metal, J/(kg-K); u is the
velocity vector of the metal, m/s; V 1is the nabla op-
erator, m'; 7 is the temperature, K; q is the vector of
specific heat flow due to heat conduction (heat flow
density), W/m?; X is the coefficient of molecular heat
conduction, W/(m-K).

In the mathematical model, heat input from the
electron beam and the poured melt is balanced by heat
removal from: radiation and evaporation from the
mirror of the metal pool; heat transfer from the side
surface of the ingot into the mould; radiation from the
side surface of the ingot wall to the mould wall below
the boundary of separation of their surfaces and the
appearance of a gap between them (associated with
shrinkage of the metal ingot with a decrease in its
temperature); radiation from the ingot surface outside
the mould. These factors are taken into account by the
boundary conditions [12, 17] listed in Table 1.

Mathematical modeling of hydrodynamic processes
during continuous feeding of incompressible titanium
melt into the mould was performed using the Navier—
Stokes equations for laminar flow. For a stationary pro-
cess, the model has the form [12, 17, 20, 22]:

p(uViu=V (-pl+K)+F, +pg;

K=y V-u+(V-ulpV-u=0.
Here p is the averaged pressure value, Pa; I is the unit
tensor; K is the viscous stress tensor, Pa; F, is the
vector of the Darcy braking force, which is artificially
introduced to reduce and suppress the velocities in the
viscous and solid zones, Pa/m; g is the vector of free-
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fall acceleration, m/s?; u is the coefficient of molecu-
lar viscosity of the liquid metal, Pa-s.

In the upper equation, in the last term, p is a
function of temperature 7. This involves the idea of
he Boussinesq approximation, in which the product
pg affects convection as 7' changes, since g is large
enough for this product to be significant.

Darcy braking force, Pa/m, is calculated using the
formula from the works [20, 23]:

_C(1—FH)2(

F = u—u R
q+Fj_S cast)

d
where C = 10°-10* kg/(m?s); ¢ = 10-10* are the val-
ues, whose ratio C/qg must be sufficient to suppress
the flow in a solid metal when F, (= 0 (except for the
melting rate of the ingot u__). In a liquid metal, when
F, =1, the Darcy force F = 0 and should not affect
the flow [23]. In the transition zone, the flow corre-
sponds to the Darcy force. Here F, ¢ is an approxima-
tion function that determines the distribution of the
volumes of liquid and solid metal in the two-phase
liquidus-solidus zone in the temperature range 7,7

The hydrodynamic problem uses the boundary
conditions [12, 17] from Table 1.

Figure 1 schematically shows a half of the ingot
over its conditional cross-section along the vertical
axis of symmetry in the middle of the conditional spot
on the surface of the pool from the jet of the liquid
metal poured into the pool, with the designation of
geometric areas G —G.. Therefore, a half of the model
is considered, since in this cross-section its condition-
al parts are symmetrical and identical. The number of
nodes in the finite element mesh is 3.1-10°.

The boundary G, which is limited by the area of
filling melt into the mould, is the entry to the system
and can be determined either by an isothermal process
with a type 1 condition (first equation), where 7, is
the metal inlet temperature (temperature of the metal
poured from the cold hearth [24]), or by an isobaric
process with a type 2 condition for an open wall (sec-
ond equation [12]), where n is the normal vector to
the surface; u, is the velocity vector of the melt jet
at the inlet. Here, p, is the initial pressure value at the
inlet point of the molten metal flow on the surface of
the pool, Pa; t is the tangent vector to the surface.

The boundary conditions for the flow velocity
in the mould are the absence of penetration through
its walls u-n = 0 and the presence of shear stresses.
Therefore, the hydrodynamics problem is solved by
assuming the presence of sliding along the boundary.
The condition for the liquid metal flow to reach the
pool surface, on the contrary, is the presence of pen-
etration into the pool u-t = 0, but only normal to the
surface, with the absence of shear stresses — without
sliding along the boundary in side directions.




MATHEMATICAL MODELING OF HEAT AND MASS TRANSFER PROCESSES

Table 1. Boundary conditions of the mathematical model [12, 17]

Boundary Heat flows Hydrodynamic flows
r=1,
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At the boundary G,, which is limited by the area of
the molten metal surface in the mould, with the excep-
tion of the boundary G, there is heating of the melt from
the electron beam (type 2 condition), its cooling due to
evaporation (type 2 condition) and radiation (type 3 con-
dition) for which: g , is the specific heat flow from the elec-
tron beam heating this surface, W/m’; P, is the thermal
power from the electron beam, W; S _is the surface area
of the pool of the molten metal, m*, S = m%; ris the radi-
us of the surface of the pool of the molten metal, m. The
heat flow ¢ , is distributed across the surface of the mol-
ten metal pool either uniformly or (and) according to a
Gaussian distribution along the radius. In the latter case,
the Gaussian distribution of the heat power from the elec-
tron beam on the surface of the pool and the radius of the
spot from the beam are taken into account; g, is the specif-
ic heat flow caused by the evaporation of the liquid metal
from the surface of the pool, W/m?’; g is the specific
heat flow of radiation from the surface of the liquid
metal pool, W/m? [25]; €, is the dimensionless emissivity
coefficient of the system of surfaces of the following
bodies: liquid metal of the pool surface — vault of the
vacuum chamber, between which the process of radiant
heat exchange takes place; 6 = 5.67-10° W/(m*K*) —
Stefan-Boltzmann constant; 7 is the temperature of
the vacuum chamber vault above the pool surface. The
emissivity coefficient for the system of surfaces of two
bodies a and b at the i-th boundary is calculated using
the formula [26]:

g=(g, +e, 1)
¢, and g, are the emissivity coefficients for the corre-
sponding surfaces.

At the boundary G, which is limited by the walls of
the mould, both conductive and radiant heat transfer oc-
cur (type 3 conditions), where: g is the specific heat flow
in the case of conductive heat exchange, W/m?, passing
over the height of the mould wall area with a tempera-
ture T - which is in contact with the liquid metal having
a temperature above the liquidus temperature 7, [25]; A,
is the heat transfer coefficient from the surface of the liquid
metal of the ingot, which integrally takes into account the
heat transfer from it through the mould wall to the cooling
water, W/(m?-K). In this area, it is assumed that with a
decrease in the melt temperature, it linearly decreases

G
Gs
G
Gy

Figure 1. Geometric model and a fragment of the finite element
mesh in the region of metal pouring
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from the value /4, to the value £ ; ¢’ is the specific
heat flow in the case of conductive heat exchange, W/m?,
passing along the height of the mould wall area that is in
contact with the metal ingot, which has a temperature
lower than the liquidus temperature 7, and higher than
the temperature at which the ingot is separated from the
mould wall T/ o due to the shrinkage of the metal as a re-
sult of its cooling; h', is the heat transfer coefficient from
the surface of the metal ingot, which integrally takes
into account the heat transfer from it through the mould
wall to the cooling water, W/(m*K). In this area, it is
assumed that with a decrease in the metal temperature,
h’ decreases according to the approximation function

F, w (by analogy with the function F, () from the value
h tothevalue 2 : ¢’ . is the spe01ﬁc heat flow caused
by radiation from the metal ingot surface, W/m?, which
falls on the area of the mould wall with the temperature
of the metal ingot below the liquidus temperature 7, and
above the temperature of the ingot separation from the
mould wall 7' ; €', is a dimensionless coefficient of the
reduced emissivity for the system of surfaces of bodies
in this area; ¢, is a dimensionless coefficient of the re-
duced emissivity for the system of surfaces of bodies of
the metal ingot and the mould wall, between which the
process of radiant heat exchange occurs; g . is a specif-
ic heat flow caused by radiation from the surface of the
metal ingot, W/m?, falling on the area of the mould wall
with a metal ingot temperature below the temperature of
the ingot separation from the mould wall T

At the boundary G,, which is limited ﬁy the verti-
cal walls of the ingot yrelded from the mould, only ra-
diant heat exchange occurs (type 3 condition), where
4. 18 the specific heat flow of radiation from the side
surface of the metal ingot, W/m?, falling on the wall
of the vacuum chamber with a temperature T, €, is a
dimensionless emissivity coefficient for the system of
surfaces of bodies metal ingot and wall of the vacuum
chamber in this area.

At the boundaries G, and G, which are limited
by the cross-sectional plane passing along the vertical
axis of symmetry of the ingot along its height, type 2
condition is observed.

The boundary G, is limited by the cross-sectional
plane of the of the lower part of the ingot at such a
distance from its upper part where thermal processes
no longer affect the thermal processes in its upper part
in the region of the metal crystallization front. This
boundary is a conditional exit from the system. The dis-
tance to it is determined by iterative calculation. At this
boundary, one can choose either type 2 condition of an
adiabatic process of a closed wall (thermal insulation)
(first equation), or type 2 condition of isobaric process
for an open wall (second equation [12]), where 7,  is
the approximate value of the temperature at the bound-
ary G, which is specified during the calculations; u, is
the vector of ingot withdrawal rate, m/s.

The vault and walls of the vacuum chamber are
water-cooled.

To calculate thermal and hydrodynamic processes
with a present phase transition in metal, a finite ele-
ment numerical method with a fixed calculation mesh
was used, in which the liquid and solid phases are
considered as a single region. The interphase region
is located between temperatures 7, and T and is con-
sidered as a viscous transition zone, the parameters of
which change relative to the volume fractions of the
phases according to a certain law. The liquid phase is
present at temperatures above the liquidus tempera-
ture 7, and the solid phase is present at temperatures
below the solidus temperature 7.

The volume fraction of F, liquid in the two-phase
zone as a function of temperature is described by a
smoothed function using the erf error function, which
is an internal function of many computer calculation
software packages:

0,7 <Ty;

(T) — ymax _ymin %

2
1T, <T,

F

L-§

xmin + xmax
2

xmin

x| 1+erf

max

X

‘max,erf xmin, erf

+Yoins Ls ST <T,;

wherey =0,y =1;x_, x__arethe specified min-
imum and maximum values on the abscissa axis, at
which the minimum and maximum values of the F, ¢
function approach 0 and 1 (here x , =T, x_ =T));
miner? Xmax.ery AT€ the minimum and maximum val-
ues on the abscissa axis of the erf function itself, at
which it approaches the values on the ordinate axis —1
and 1. Usually, if x g 2 the function erf(-2) =
—0.99532, and if x = 2, the function erf(2) =
0.99532, which is a sufficient approximation to —I1
and 1. But if a greater approximation is necessary,
we can take the value x . o = 6 where the function
erfi-e) = —0.99988, and if x = ¢, the function er-
fle) =0.99988.

In the two-phase liquidus-solidus transition zone,
the F, curve has a growing dependence, and for (1 —
F, ) — a falling dependence (Figure 2). By analogy
with the F, ¢ function, the F, functron was also ap-
plied in the correspondmg temperature range of the
o—f phase transition.

For the alloy under consideration, the following
temperatures are specified: at the artificially expanded
boundaries of the a-B phase transition, 7, = 1253 K,

T,=1283 K for the actual temperature T =1283 K

max,erf
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[27]; at the boundaries of the S—L phase transition,
T,=1873 K, T, = 1923 K, with an actual tempera-
ture 7, ;= 1923 K [27]; the temperature at which the
ingot is separated from the mould wall T, _— 1640 K;
the temperature of the metal at the mould inlet
T =2061 K. Latent heat of phase transitions (change
in system enthalpy) [27]: H — H,, = 6.36°10° J/kg, H,
H, = 6.84'10° J/kg and H ,=H —H = 4.8:10* J/kg;
H,— H,, = 1.180"10° J/kg, H, — H,, = 1.466°10° J/kg
and H, ;= H, — H, = 2.86°10° J/kg; H,_ is the initial
enthalpy of the system at 25 °C (298 K).

THERMOPHYSICAL PARAMETERS

take into account their changes from temperature and
o—f and L—S phase transitions, while the specific heat
capacity of metal also takes into account the latent
heat of phase transitions, which were calculated using
the methodology described in [18].

The finite element numerical method is sensitive
to discontinuities and step jumps in function values,
when the method cannot always find a solution and
calculations fail. Step changes in the thermophysical
characteristics of titanium alloys are present at o—f3
and L—S phase transitions. It is necessary to make
such a mathematical description of the functions in
order to achieve a smooth transition of values in the
zone of step jumps. For this purpose, an approach
known in modelling of thermal processes was used,
involving a slight artificial expansion of the ranges of
such zones [13] in which the values of characteristics
change smoothly. In the case under consideration, this
is conveniently implemented by the functions F,
1 - F%B, F, jand 1 - F, , taking into account the in-
crease or decrease in values in phase transitions. The
approximations of the thermophysical parameters are
performed namely in this way (Figure 3) [12].

Figure 3 shows the approximation curves of the sim-
ulated thermophysical characteristics of Ti—-6A1-4V ti-
tanium alloy as a function of temperature, obtained from
the data in [27]. Similar dependencies for Ti—6Al-7Nb
alloy have not been found in the literature. However,
the characteristics of these related alloys are very simi-
lar, so the ratios for the first alloy can be applied to the
second alloy with a sufficiently close approximation.
Moreover, the specific heat capacity C, for Ti-6Al-7Nb
alloy can be specified using existing methods.

For an approximate calculation of the heat capacity
of titanium alloys, the Neuman—Kopp rule (the rule of
additive heat capacity) can be used. This is an empiri-
cal method for estimating the specific heat capacity of
multicomponent alloys and complex materials based
on the heat capacities of their constituent elements.
The approach is based on the assumption that the total
specific heat capacity of the alloy is the sum of the
heat capacities of its individual components. For an
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Figure 2. Dependence of the volume fraction of liquid on tem-
perature in the two-phase zone when using the F, ;and (1 - F) )
functions

approximate estimate of the specific heat capacity of
the alloy Cp, the following ratio is used:

qzqu”
where N, is the mass fractions of the i-th component
of the alloy, %; C, .1s the spec1ﬁc heat capacity of the
i-th component of the alloy; n is the number of com-
ponents of the alloy.

Based on this approach, the heat capacity values
for Ti-6A1-4V and Ti—-6Al-7Nb alloys were calculat-
ed. The C, values obtained using the Neumann—Kopp
rule for Ti-6Al-7Nb alloy are lower than the C values
for Ti-6Al-4V alloy obtained using the same "rule by
an average of 3 % over the entire calculated tempera-
ture range of 300-2800 K. However, if we compare
the calculated values of heat capacity C obtained us-
ing the Neumann—Kopp rule and the existing data for
Ti—6Al-4V alloy [27], the discrepancy between them
in the temperature range from 300 to 1800 K does not
exceed 5 %, and from 1800 K to 2800 K it increases
to 17 %, which indicates the insufficient accuracy of
this approach at high temperatures.

The second, more accurate approach to calculat-
ing the specific heat capacity of Ti—-6Al-7Nb alloy is
based on the already known values of the dependence
of C, on the temperature of Ti—6Al4V alloy [27].
Since Ti-6Al-4V and Ti—6AI-7Nb alloys differ only
in V and Nb elements, and to a small extent, in the Ti
content, it is worth applying the approach of additive
contribution of elements to the heat capacity.

This approach is based on the use of the rule of total
contributions, according to which the specific heat ca-
pacity of a multicomponent alloy can be expressed as a
linear combination of the heat capacities of its constitu-
ent elements, which can be described as follows:

Cp(DTi—6A1—7Nb = Cp(T)Ti—GAI—4V + Acp'
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Figure 3. Approximation dependencies of the modelled thermophysical parameters of Ti-6A1-7Nb titanium alloy on temperature 7:
a — density p; b — thermal conductivity A; ¢ — specific heat capacity C' , d — specific heat capacity C, taking into account the latent
heat of o—f§ and L-S phase transitions; e — evaporation losses ¢, from the surface of the Ti melt

Here, AC is a correction that takes into account the
difference in the heat capacities of V and Nb. The heat
capacity of pure V and Nb is available from literature
sources and can be used to calculate the contribution
of substituted atoms:

AC,=(C,y,—C,\) Ao,
where Aw is the difference in the content of substituted
elements.

As a result, the calculated heat capacity values for
Ti—~6A1-7Nb alloy were found to be lower than the
known data for Ti-6A1-4V alloy by an average of
3 % over the entire temperature range of 300-2800 K.
This indicates the high accuracy of the used approach.
Figure 3 shows the known dependence of CP(T) for
Ti—6A1-4V alloy [27] and the calculated dependence

24

for Ti-6A1-7Nb alloy, which was used for the calcu-
lations.

Regarding losses to evaporation from the melt
surface (Figure 3, d). No such data has been found
in the literature for Ti-6A1-4V and Ti—-6A1-7Nb al-
loys. Therefore, it is necessary to use known data for
pure titanium. This is acceptable since the alloying el-
ements for these alloys constitute 10 and 13 % of the
specific masses of the alloys, respectively.

In [28], an approximate formula is given that de-
scribes the dependence of the logarithm of the pressure
P of saturated titanium vapour on temperature 7, K:

lgP(T) = AT + B~ C'lg(T),
where the approximation coefficients for Ti are:
A=122964; B=10.581 and C=0.373.
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The saturated vapour pressure
P(T)= 10D,

Using the Langmuir equation [30], the evaporation
rate of titanium, kg/(m?s), is determined

M
P(T),|—=—.
( ) 2-n-R-T

is equal to

mol

Ju(T)

Here, M, is the atomic (molar) mass of Ti, M
= 0.047867 kg/mol; R is the universal gas constant,
R =18.31446261815324 J/(mol-K).

From the known value of the latent molar heat of
evaporation of titanium AH, =410 kl/mol [28], its

latent heat of evaporation is calculated:

AH =AH,_ /M _=85654kJ/kg.

ev,mol

The specific power of titanium evaporation losses
depending on temperature is equal to

qu(T) = ‘](3\/(7) AHCV
and is shown in Figure 3, d.

RESULTS AND ANALYSIS

OF MATHEMATICAL MODELLING

OF LAMINAR HYDRODYNAMIC
PROCESSES AND TEMPERATURE FIELDS
IN THE INGOT

Three-dimensional mathematical modelling was per-
formed for a system of laminar hydrodynamic pro-
cesses and temperature fields in the ingot in a con-
tinuous mould with an internal diameter of 110 mm
and a height of 150 mm at a mass withdrawal rate of
the ingot (melting rate) of 20 kg/h. The pouring of
preliminary molten metal from a cold hearth onto the
surface of the pool occurs near the mould wall into a
conditionally square spot of 10x10 mm (equivalent
diameter is 11.3 mm). The rate of metal pouring into
the pool and its pressure on its surface are taken into
account by the boundary conditions at the boundary
G, (Table 1). The surface of the liquid metal pool is
heated by a 16 kW power electron beam with an ef-

Geb» MW/m2

1.2 F
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0.6
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40
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Figure 4. Distribution of the thermal power of the electron beam
q,, over the ingot surface (along the y coordinate)
ficiency of 75 %, which moves in a circle around the
periphery of the pool according to the Gaussian distri-
bution of the electron beam thermal power (Figure 4).
Based on the developed mathematical model, tem-
perature fields and hydrodynamic flows were calcu-
lated for the case of forming a Ti—6Al-7Nb titanium
alloy ingot using the EBM method. Here, the tem-
perature-dependent thermophysical characteristics of
the metal were used, and interphase transition zones
were taken into account. This allowed identifying the
regularities of the distribution of hydrodynamic flows
in the liquid metal and temperature fields, as well as
the metal crystallization front during ingot formation.
Figure 5, a shows the directions of the velocity
vectors of the liquid metal flows, excluding the with-
drawal rate of the ingot towards the bottom in the ax-
ial direction. A cross-section along the vertical axis of
symmetry of the ingot is considered in the middle of
the conditional spot on the surface of the pool from
the jet of the liquid metal poured into the pool. The
size of the vectors is selected on a logarithmic scale
proportional to the velocity of the melt.

z, mm K
; Tk,
310F Hos
- 24
5223501
290
2.0
280F 2250
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2601 L6 21501
250t 1.4
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b —40 -20 0 20 40 y,mm

Figure 5. In the section (along the y coordinate) along the vertical axis of symmetry of the ingot (z coordinate) at the centre of the
conditional spot on the surface of the pool from the jet of liquid metal poured into the pool, the following are presented: a — flows of
the liquid metal in the pool; b — temperature on the surface of the pool
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Figure 6. In the section at an angle of 90° (along the x coordinate) along the vertical axis of symmetry of the ingot (z coordinate), the
following are presented: @ — flows of the liquid metal in the pool; b — temperature on the surface of the pool

Figure 5, b shows a diagram of the temperature distri-
bution on the pool surface of the liquid metal according
to the Gaussian distribution of the thermal power of the
electron beam around the periphery of the melt.

Figure 6, a shows the directions of the velocity
vectors of the liquid metal flows, excluding the with-
drawal rate of the ingot towards the bottom in the ax-
ial direction. A cross-section along the vertical axis
of symmetry of the ingot at an angle of 90° from the
centre of the conditional spot on the surface of the
pool from the jet of the liquid metal poured into the
pool is considered. This plane is perpendicular to the
plane shown in Figure 5, a. Only half of the figure is
shown, since the other half is symmetrical.

Figure 6, b shows a diagram of the temperature
distribution on the surface of the molten metal pool.

Figure 7 shows the three-dimensional distribution of
the temperature field and the directions of the velocity

LK
x10*

Figure 7. Three-dimensional distribution of the temperature field
and metal flows in the mould, excluding the rate of ingot with-
drawal to the bottom
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vectors of the metal flow in the mould, excluding the
withdrawal rate of the ingot towards the bottom.

Flows of the liquid metal (Figure 5, a) spread from
the point of its pouring on one side of the mould wall
to the opposite side of the wall, forming a small vortex
near the latter. The figure shows the isotherms of the lig-
uidus 7, (upper curve) and solidus 7 (lower curve) at
the boundary of the crystallization front. The position
and geometry of this front (Figure 5, a, Figure 6, a and
Figure 7) largely determine the quality of the ingot for-
mation and the concentration of alloying elements in its
volume. The flatter the front, the more homogeneous the
structure of the solid metal ingot in the radial direction.

An important criterion for the quality of titanium
alloy ingots is the smooth appearance of their side
surfaces. Therefore, during melting, it is necessary to
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Figure 8. Distribution of the temperature field and metal flows in
the mould (top view along the x and y coordinates)
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minimize the contact of the liquid metal pool with the
mould wall in order to avoid corrugations on the side
surfaces of the ingots.

The correct choice of the electron beam position
in the radial direction on the pool surface ensures the
condition that the liquid metal in the pool has less
contact with the mould wall, and the intensity of the
beam provides the desired depth and geometry of the
crystallization front. The diagram of the temperature
distribution on the surface of the molten metal pool
(Figure 5, b) shows that the maxima on the curve are
predetermined by the concentrations of thermal pow-
er introduced by the electron gun beam. This tem-
perature distribution ensures the required shape of the
metal crystallization front in Figure 5, a.

In the cross-section of the ingot in Figure 5, a, a
single vortex flow is observed.

Figure 8 shows the distribution of the temperature
field and metal flows in the mould (top view), and
Figure 9 shows the three-dimensional distribution of
the molten metal flows in the ingot.

The flows of the molten metal for different verti-
cal cross-sections of the ingot in Figures 5, @ and 6, a
are different, as they depend on the place where the
liquid metal is poured into the mould. This is seen in
the three-dimensional distribution of the temperature
field and metal flows in the mould (Figures 7 and 8)
and the melt flows in the ingot (Figure 9). In the top
view (Figure 8), a pronounced diametrical distribu-
tion of metal flows is observed, which is caused by the
action of flows from the liquid metal poured into the
mould and the thermal power from the electron beam.

Analysis of the results obtained using the math-
ematical model showed that the velocity of the lig-
uid metal in the mould at the point of pouring is
18-107 m/s, and the velocity of a circumferential flow
closer to the centre of the mould on the pool surface
is ~2:107 m/s (Figure 9), which corresponds to Reyn-

Figure 9. Three-dimensional distribution of the molten metal
flows in the ingot with the scale of their velocity v

olds numbers Re =~ 260 and 125, the value of which
characterises the laminar flow of the melt in the pool.
Figure 10 shows the directions of the liquid metal
flows, taking into account the rate of ingot withdraw-
al downwards in the axial direction. A cross-section
along its vertical axis of symmetry is considered in
the middle of the conditional spot on the pool surface
from the jet of the liquid metal poured into the pool.
The results of calculations of metal trajectories
confirmed the adequate use of the Darcy function to
suppress the metal movement in the solid phase.

ANALYSIS OF THE RESULTS

OF MATHEMATICAL MODELLING

OF THE INFLUENCE OF EBM
TECHNOLOGICAL PARAMETERS

ON LAMINAR HYDRODYNAMIC PROCESSES
AND TEMPERATURE FIELDS IN THE INGOT

Mathematical modelling was performed for different
positions of the electron beam centre relative to the
vertical axis of symmetry of the ingot and different
withdrawal rates.

In order to determine how the position of the elec-
tron beam, moving in the azimuthal direction along the
surface of the ingot, affects the melt pool, Figure 11
shows the temperature distribution on the surface of
the pool for different positions of the electron beam
centre relative to the vertical axis of symmetry of the
ingot at distances of 39, 41, 43 (operating mode), 45
and 47 mm. Figure 12 shows the temperature distri-
bution and crystallization profiles of the metal and
two-phase zones in the case of the electron beam po-
sition relative to the vertical axis of symmetry of the
ingot: a — at a distance of 39; b — 43 (operating
mode); ¢ — 45 mm. It is seen that the position of the
beam significantly affects the geometry of the pool.
The closer the beam rotates to the centre (39 mm),
the higher the temperature on the surface of the melt
(Figure 11) and the deeper the pool becomes (Fig-
ure 12, a). When the beam is moved away from the
centre of the mould (43 mm — operating mode), the

0

~40
Figure 10. Directions of flows of the liquid metal taking into ac-
count the rate of ingot withdrawal to the bottom in the axial di-
rection (along the z coordinate) in the cross-section (along the y
coordinate) along its vertical axis of symmetry
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temperature on the surface of the melt decreases and
reaches the liquidus temperature 7, of the melt in the
lower part of the curve ( Figure 11), which is optimal,
and the pool decreases in depth (Figure 12, b). In this
case, the crystallization profile becomes flatter, which
is the desired result. When the centre of the beam is
moved by 45 mm from the vertical axis of symme-
try of the mould, the temperature at the bottom of the
curve becomes lower than the solidus temperature 7'
(Figure 11) and an island of solidified metal appears
on the surface of the pool (Figure 12, ¢), while the
pool decreases in depth. However, this is an unaccept-
able mode due to the appearance of unmelted metal
on the surface of the pool. If the centre of the beam
is moved by 47 mm, the temperature on the surface
of the pool becomes even lower (Figure 11), and the
proportion of unmelted metal increases.

A significant cause for the decrease in temperature
on the surface of the melt when the centre of the elec-
tron beam is moved from the vertical axis of symme-
try of the mould towards its wall is that a significant
part of the beam hits the upper end of the mould wall
rather than the surface of the melt. This reduces the
useful power for heating the melt.

Figure 13 shows how the temperature field distri-
bution, flows of the liquid metal, its crystallization
profiles and two-phase zones change at different rates
of melt pouring into the mould and, accordingly, at
different withdrawal rates of the ingot. It is seen that
as the rate of pouring the melt increases, the depth
of the pool increases significantly, and its profile be-
comes more concave.

A flatter metal crystallization front of the metal
ingot, which is desired, is formed at lower rates of
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Figure 11. Temperature on the surface of the melt pool in the case
of different position of the electron beam centre relative to the
vertical axis of symmetry of the ingot (along the z coordinate) at
distances (along the y coordinate) of 39, 41, 43 (operating mode),
45 and 47 mm
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melt pouring into the mould and, accordingly, at low-
er rates of ingot withdrawal.

Figure 14, a and b shows the interpolation de-
pendencies of the liquid metal pool depth / and the
liquid metal pool shape coefficient £, which is equal
to the ratio between the mould diameter &, and the
pool depth /, k d, /1, on the mass Wlthdrawal rate of
the ingot v Wthh pass through six calculation points
correspon ing to the pool depths in Figure 13.

With an increase in the mass withdrawal rate of the
ingot above 10 kg/h, the pool depth grows linearly,
and the coefficient &, decreases.

In the case of a mass melting rate of 20 kg/h and an
electron beam heating power of 16 kW in the mould,
a crystallization front close to flat one is formed, and

T.K
103
24
22
2.0
1.8
1.6

1.4

%107
2.4

22
2.0
1.8
1.6
1.4
1.2
1.0

305+
29511

245

40 ¥, mm

c

Figure 12. Temperature distribution and profiles of metal crystal-
lization and two-phase zones (along the y coordinate) in the case
of different position of the electron beam relative to the vertical
axis of symmetry of the ingot along the z coordinate: ¢ — at a
distance of 39; b — 43 (operating mode); ¢ — 45 mm
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Figure 13. Distribution of the temperature field, flows of the liquid metal and profiles of its crystallization and two-phase zones (along
the y and z coordinates) in the case of different mass rates of ingot withdrawal (along the z coordinate), kg/h: a — 5; b — 10; ¢ — 15;

d — 20 (operating mode); e — 25; f— 30
the pool shape coefficient is 3.24, i.e. the depth of the
melt pool is 3.24 times less than its width.

Figure 15 shows the temperature distribution on
the surface of the melt pool for different mass with-
drawal rates of the ingot: 5, 10, 15, 20 (operating
mode), 25 and 30 kg/h. For rates of ingot withdraw-
al of 10-30 kg/h, the position of the electron beam
centre relative to the vertical axis of symmetry of the
ingot was at a constant distance of 43 mm, which cor-
responds to the operating mode. For a mass rate of
5 kg/h, this distance was taken smaller — 41 mm in
order to ensure a complete melting of the metal on
the pool surface, since at a distance of 43 mm in this
mode, an island with solidified metal is formed in the
center of the pool surface, which is unacceptable. Re-
ducing this distance to 41 mm led to an increase in the

temperature on the pool surface, and accordingly to a
rise in the temperature distribution curve (Figure 15)
for a mass rate of 5 kg/h. This caused the appearance
of a nonlinear region on the diagrams (Figure 14, a)
for a mass rate of less than 10 kg/h.

In order to assess the adequacy of the plotted
mathematical model, an ingot with a diameter of
110 mm was metled from an experimental com-
plex-alloy titanium alloy, close in physical properties
to Ti-6A1-7Nb alloy, in which the metal crystalliza-
tion profiles are clearly displayed. A longitudinal tem-
plate was cut out from the upper part of this ingot and
its macrostructure was revealed by etching. A great
number of alloying elements in the experimental al-
loy allowed a clear identification of the crystallization
profiles at different melting rates. Figure 16 shows
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Figure 14. Interpolation dependences on the mass rate of ingot withdrawal v,ia— depth of the liquid metal pool I; b — shape coeffi-

cient of the liquid metal pool kf

a macrosection of the template of the upper part of
the ingot, cut out in the axial plane and with marked
contours of the ingot crystallization fronts on it: sol-
1d lines are real contours; dashed lines are calculated
contours. In this Figure, the lower crystallization pro-
file, marked with a light solid line, corresponds to the
operating mass rate of ingot withdrawal of 20 kg/h.
At the final stage of ingot melting, the melting rate
decreases. In Figure 16, two more crystallization profiles
are marked with light solid lines, which correspond to
the mass withdrawal rate of the ingot at the level of 15
and 10 kg/h. This Figure also shows the calculated light
dashed lines of the crystallization profiles for mass rates
of 10 kg/h from Figure 13, b; 15 from Figure 13, ¢ and
20 from Figure 13, d. Comparison of the real contours of
the ingot crystallization fronts, indicated by solid lines,
and the calculated contours of the crystallization fronts,
plotted on the figure by light dashed lines, indicates a
good coincidence of the front profiles and acceptable ac-
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Figure 15. Temperature distribution on the surface of the melt

pool (along the y coordinate) in the case of different mass rates of
ingot withdrawal, kg/h: 5, 10, 15, 20 (operating mode), 25 and 30

30

curacy of the results of mathematical modeling for the
laminar nature of the melt flow movement.

The macrosection of the lower working area of the
ingot (Figure 16) is characterized by the absence of
cavities and discontinuities, and the macrostructure of
the ingot has crystals close to equiaxed, which is an
indice of a high ingot quality. The upper part of the
ingot, formed at the final stage of melting and remov-
al of the shrinkage cavity, is characterized by large
non-equilibrium crystals, has a different composition
of alloying elements due to their evaporation and is
not considered to be one that provides an acceptable
metal quality. Therefore, it is cut off and remelted
during subsequent ingot melting.

Thus, for EBM of titanium alloys in a mould with a
diameter of 110 mm, as a result of comparing the cal-
culated profile of the crystallization front of the metal

15 kg/h

Figure 16. Macrosection of the template of the upper part of the
ingot, cut out in the axial plane and with the contours of the ingot
crystallization fronts marked on it: solid lines are real contours;
dashed lines are calculated contours
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in the ingot with the actual crystallization profile of
the molten ingot, it was established that the laminar
representation of hydrodynamic flows of the liquid
metal in the ingot gives a result closer to the real pro-
file than their turbulent representation from [12].

Analysis of the obtained results showed that heat
transfer in the liquid phase of the ingot in the lami-
nar mode is mainly predetermined by heat and mass
transfer due to the movement of the molten metal,
and the power of the electron beam and the type of its
coverage of the surface of the pool have a very signif-
icant effect on the depth and shape coefficient of the
melt pool in the mould.

According to the calculated modes, high-quality
ingots with a diameter of 110 mm of medical titanium
Ti—-6A1-7NDb alloy alloy with a practically homoge-
neous metal structure were melted at the PWI [30].

Factors that affected the accuracy of the calcula-
tions include the simplifications and assumptions used
in the development of the mathematical model, which
did not significantly affect the overall trends in ingot
formation during EBM. Further research should fo-
cus on improving the mathematical model with fewer
simplifications and assumptions.

Mathematical modeling has made it possible to
eliminate the very costly method of sampling to de-
termine technological modes from the preparation for
conducting a technological process and is useful and
relevant for foundry engineers.

CONCLUSIONS

1. A three-dimensional mathematical model of ther-
mal and stationary laminar hydrodynamic processes
based on the Navier—Stokes equations in the melt of
a cylindrical ingot has been developed. The ingot is
melted by the method of electron beam melting, in
which the beam moves along the circumference of the
melt pool periphery according to the Gaussian distri-
bution of thermal power from the beam.

2. According to the results of mathematical mod-
eling, the temperature fields and laminar hydrody-
namic flows of the molten metal in Ti—-6Al-7Nb
titanium alloy ingot with a diameter of 110 mm
were obtained. The geometry of the two-phase liqui-
dus—solidus zone, which determines the metal crys-
tallization front, was determined. In the case of an
electron beam heating power of 16 kW and a mass
melting rate of 20 kg/h, such a crystallization front is
formed, which provides a practically homogeneous
structure of the metal ingot.

3. For the considered system of EBM process for
Ti—6Al-7Nb titanium alloy, as a result of comparing
the calculated metal crystallization profile in the ingot
with a diameter of 110 mm with the crystallization
profile of a molten ingot, it was proven that the lam-
inar representation of hydrodynamic flows of the lig-

uid metal in the ingot gives a result closer to the real
profile than their turbulent representation.

4. Based on the calculated data, it was found that
heat transfer in the liquid phase of the ingot is mainly
predetermined by heat and mass transfer due to the
movement of the molten metal, and the distribution
of the electron beam power on the pool surface has a
very significant effect on heat and mass transfer and
on the depth of the melt pool.

5. It has been established that a flatter crystallization
front of the metal ingot, which is desired, is formed at
lower rates of pouring the melt into the mould and, ac-
cordingly, lower rates of ingot withdrawal.
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ABSTRACT

The results of the study of the influence of the cooling rate on the structure and properties of the VK8 hard alloy produced by the
electron beam sintering method are presented. The use of an electron beam provides high controllability of the heat treatment
processes, which allows regulating the cooling rate of hard alloy specimens. The tungsten carbide powder produced by Plas-
maTec LLC by a chemical method from secondary raw materials was used in the work. The presence of two phases — tungsten
carbide and a cobalt-based B-solid solution was revealed by metallographic and X-ray analysis methods. There is no n-phase,
free carbon or pores in the structure. It is shown that tungsten carbide crystals grow with an increase in cooling time. In terms
of hardness and crack resistance, hard alloys produced by the electron beam sintering method are not inferior to hard alloys

produced by the conventional technologies.

KEYWORDS: hard alloy, electron beam sintering, tungsten carbide, cooling rate, grain size

INTRODUCTION

Hard alloys are a group of materials that have high
hardness, wear resistance and are indispensable in
certain operating conditions. Among them, tungsten
carbide-cobalt (WC—Co) alloys are most widely used
in conditions of intensive wear. This is predetermined
by a unique combination of mechanical properties,
such as high hardness (82-92 HRA, which exceeds
the hardness of high-speed steel), wear resistance,
fracture toughness and compressive strength. In ad-
dition, WC—Co alloys provide high corrosion resis-
tance. The binder content, size and distribution of
tungsten carbide particles are critical factors affecting
the mechanical properties of WC—Co cermet [1, 2].

Nowadays, hard alloys are significantly superior to
other materials in terms of their use for the manufac-
ture of various types of metal-cutting, deforming and
drilling tools, as well as for the manufacture of parts
of machines and equipment that are operated under
conditions of intensive wear and under the influence
of high temperatures and loads. The service properties
of hard alloys depend both on the properties and ratio
of the source powders and on the technology of man-
ufacturing products.

There are many methods for producing hard al-
loys: sintering in a vacuum or gas environment [3-5];
vacuum compression sintering [6]; hot isostatic press-

Copyright © The Author(s)

ing [7]; electric discharge or spark plasma sintering
(SPS) [8]; microwave sintering [9]; high-frequen-
cy induction heat sintering (HFIHS) [10]. The most
widely used method for producing hard alloy parts is
furnace sintering.

During conventional furnace sintering of hard al-
loys, when a liquid phase appears, intensive growth
of carbide grains is observed [11], which is predeter-
mined by the process of recrystallization of tungsten
carbide through the liquid phase, as well as “coales-
cence” — the growth of neighbouring WC grains due
to the coincidence of their crystallographic planes
when these grains are displaced [12]. Electron beam
technology, which is currently used in the additive
manufacturing of WC—Co hard alloys [13, 14], can
provide high sintering rates, and also, due to the con-
trollability of the process itself, provides a sufficiently
“fine” control of the alloy microstructure.

THE AIM

of this study is to determine the influence of electron
beam modes of sintering powder hard alloy mixtures
of the WC—Co system, namely their cooling rate, on
the formation of the microstructure and properties of
consolidated blanks.

MATERIALS AND RESEARCH METHODS

As the source materials, tungsten carbide was used
produced by treatment of secondary raw materials
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Figure 1. Source powders: ¢ — tungsten carbide; » — cobalt

using chemical technology improved by PlasmaTec
LLC; cobalt powder (8 wt.%) of China production. To
study the morphology of the powders, the microstruc-
ture of the specimens and determine their chemical
composition, a Tescan Vega 3 SBH EasyProbe scan-
ning electron microscope with a Bruker Quantax 610
energy-dispersive X-ray microanalyzer was used. The
carbon content of tungsten carbide powder was deter-
mined in a LECO C744 carbon determination device.
Phase analysis was performed in an Inel EQUINOX
1000 diffractometer. Rockwell hardness (HRA) was
measured in a NOVOTEST TC—P—C hardness tester,
Vickers hardness and crack resistance were measured
in an Innovatest hardness tester, and density was de-
termined by hydrostatic weighing in an ANG220 an-
alytical balance.

The morphology of the source tungsten carbide and
cobalt powders is shown in Figure 1. The size of tung-
sten carbide powder particles is 0.5-3.0 wm and cobalt is
0.2-1.0 um. The total carbon content in tungsten carbide
is 6.2 %, the phase composition of the powder corre-
sponds to tungsten monocarbide (WC).

Compacts with a diameter of 8 mm and a length of
30 mm were manufactured using conventional tech-
nology. Driving off the plasticizer and preliminary
sintering took place in a hydrogen environment at a
temperature of 1150 °C. Electron beam sintering was
carried out using the modes shown in Figure 2. The
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Figure 2. Modes of electron beam sintering of WC—Co specimens
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specimens were heated to the sintering temperature
(1400+20 °C) by a gradual increase in the beam cur-
rent from 0 to 40 mA for 3 min, holding for 2 min, and
cooling the specimens in five modes: / — switching
off the electron beam; 2 — decreasing the electron
beam current from 40 to 0 mA for 3 min; 3 —9; 4 —
30; 5 — 60. In this case, the cooling rate from the sin-
tering temperature (1400 °C) to 500 °C was: for mode
1 —80-100 °C/s; 2 — 5-10; 3 — 2-5; 4 — 0.5-1.0;
5 — 0.2-0.5. Further cooling (from 500 °C to room
temperature) occurred due to convection.

INSTALLATION
FOR ELECTRON BEAM SINTERING

To study the influence of sintering modes on the for-
mation of the microstructure and properties of VK§
alloys, industrial SV 229 installation was used, spe-
cially developed by order of PlasmaTec LLC at the
PWI for electron beam treatment (EBT) of blanks
from powder materials based on tungsten carbide
and cobalt (WC—Co). The installation (Figure 3) is
designed for electron beam sintering of blanks with
a cylindrical outer surface, an initial diameter of
6—80 mm and a length of up to 30 mm. The basic con-
figuration of the installation provides fixation for only
three standard sizes of blanks (diameter and length,
respectively): 30x30, 25%25 and 15%15 mm.

The vacuum chamber with a volume of about
0.5 m® of the installation (/, Figure 3) is made of stain-
less steel, the walls and door of the chamber are cooled
by water. The thickness of the walls of the chamber and
door provides both mechanical strength and biological
protection of the operating personnel from X-ray ra-
diation. The chamber is equipped with an inspection
port-hole (2, Figure 3) for visual observation of sinter-
ing processes, as well as a high-temperature OPTRIS
CTratio 2M pyrometer (temperature measurement
range 550-3000 °C) and a video camera for general
observation. An electron beam gun unit is installed
on the upper wall of the chamber (3, Figure 3). The
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triode-type welding gun is equipped with electron-
ic optics, a cathode, an anode and a control electrode
(venelt); the electron beam current is up to 200 mA.
The gun design is compact and easy to maintain.

The rear wall of the chamber has a flange with an
internal diameter of 400 mm for connecting a vacuum
system. The vacuum system (4, Figure 3) of the instal-
lation is assembled from components of well-known
manufacturers Leybold, Pfeiffer and Ebara. The per-
formance of the vacuum system of the installation is
sufficient to create a pressure in the vacuum chamber
of 2-10* mbar and, accordingly, 5-10° mbar in the
gun in about 15 min.

The operator’s workplace is located to the right of
the vacuum chamber in front of the control cabinet
(5, Figure 3). To the right of the control cabinet is the
power cabinet (6, Figure 3) with the vacuum system
control equipment and the SIEMENS Sinamics S120
system control elements. Further to the right is the
cabinet of the 15 kW/60 kV inverter type welding
high-voltage power source (7, Figure 3).

The EBT technological cycle involves a feed drum
for parts (8, Figure 3); a mechanism for working rotation
of parts (rotator), on which EBT is directly performed; a
mechanism for longitudinal feeding of parts when load-
ing them onto and unloading them from the rotator, and
a bottom-plate for treated parts. The main technical char-
acteristics of the SV 229 installation are given below.

Characteristics of electron beam equipment

Overall dimensions of the welding installation, mm:

length ... 3500

width. . ... 5000

height . ... ... 2300
Internal dimensions of the vacuum chamber, mm:

length . ... . 800

width. . ... 750

height ... ... 850
Weight of the installation, kg ........................ 6000

Working vacuum in the vacuum chamber, mbar,
notworsethan........... ... ... ... ... ..
Pumping time of a clean, dry and empty vacuum chamber
to working vacuum, min, not more than. .. ............... 15
Working vacuum in the welding gun, mbar,

notworsethan. ....... ... ... ... .. 5-10°
Inleakage into a clean, empty and dry vacuum chamber,
mbar-l/s,notmorethan. ........................... 2-1073
Mechanism for rotation of parts:

rotation frequency for a part with a diameter

of 30 mMm, IPS . ..ot 0.5-3
Mechanism for feeding parts:

maximum linear displacement of a part, mm.......... 300

precision of linear displacement of a part, mm . ...... +0.25
Electron beam gun and inverter type high-voltage source:

capacity of high-voltage power source, kW............ 12

rated accelerating voltage, kV ...................... 60

stability of accelerating voltage, %. . ............... +0.15

electron beam current

(with a change step of 0.1 mA), mA.............. 0.5-200

stability of beam current according

to ISO 14744-1,%, max . .. ... +1

working range of adjustment of the focal length

Figure 3. SV 229 installation for electron beam treatment: / —
vacuum chamber; 2 — inspection port-hole; 3 — electron beam
gun; 4 — vacuum system; 5 — control cabinet; 6 — power cabi-
net; 7 — cabinet of high-voltage welding power source; § — load-
ing device for feed drums of parts

of the electronbeam, mm . .................... 500-600

electron beam deflection angle, deg ... .............. +3.5

focusing lens current stability according

to ISO 14744-1, %, max. .. .....ovviinnneinnnn.. +0.5
Guaranteed cathode operating time, h ................... 50

Water cooling system:
autonomous closed system based
onachiller .............. .. ... ... included
General technical requirements:
power supply (according to German standard
DINEN60204,p.43) ...t 380V, 50/60 Hz

power consumption, kV-A,max..................... 55
separate grounding . ... ............... <2 Ohm; 35 mm?
room temperature, °C .. ... .. . . oo 15-25
relative humidity (at 25 °C), %, max ................. 70
compressed air pressure, kg/em?, min ....... ... ... 5
compressed air cleanliness class

(according to ISO 8573-1:2010) . ................. 7:4:4

The use of an electron beam makes it possible to
regulate the heating and cooling rates, which ensures
control over the sintering process and, as a result, con-
trol over the structure of the produced parts.

RESEARCH RESULTS

Cooling after sintering of hard alloys of the WC-Co
system leads to the emergence of a stressed state, which
is predetermined by the difference in the coefficients
of thermal expansion of the phase components. The
coefficient of thermal expansion of cobalt is almost
three times higher than that of tungsten carbide, there-
fore, during cooling at the sintering process, compres-
sive stresses arise in tungsten carbide, the magnitude
of which can reach 1000 MPa, and in cobalt, respec-
tively, tensile stresses arise up to 2000 MPa [15]. It
is characteristic that the magnitude of these stresses
is influenced by the ratio of phase components, and
an increase in the cobalt content to 12 % leads to a
decrease in tensile stresses in it by 3—4 times. An in-
crease in the cooling rate after sintering leads to a sig-
nificant increase in stresses and, accordingly, affects
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Figure 4. Microstructures of sintered specimens produced at different cooling rates: a — cooling time 1 s; b — 3 min; ¢ — 9; d — 30;

e—60

the properties of hard alloys [15]. The density of the
produced specimens was determined by hydrostatic
weighing to be 14.75-14.8 g/cm’. The sintered speci-
mens were cut along the cylinder and examined using
scanning electron microscopy (Figure 4).
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Figure 5. Vertical section of the W—C—Co ternary diagram [11]

According to the quasi-binary section (Figure 5) of
the W—C—Co ternary state diagram, the liquid phase
is formed at the melting point of the double eutectic,
which is about 1320 °C.

At temperatures of electron beam treatment of
specimens above 1340 °C, intensive shrinkage of the
blanks is observed. Complete densification is achieved
quite quickly within = 1 min. Such rapid shrinkage is
predetermined by the appearance of a liquid phase. In
the first moments of sintering, after the formation of a
liquid phase, the movement of tungsten carbide grains
occurs under the action of surface tension forces.

The microstructure of the produced specimens is
formed in the form of a cobalt matrix, which contains
faceted tungsten carbide grains. In specimens with a
minimum cooling time, as well as cooled for 3 and 9
min, the structure is identical, no noticeable growth
of tungsten carbide grains is observed (0.5-4.0 um).
During cooling for 30 and 60 min, the growth of
tungsten carbide grains to 6—10 um is observed (Fig-
ure 6). The driving force for the growth of WC grains
during sintering is the minimization of interfacial en-
ergy, and therefore, it is proportional to the specific
area of the WC and cobalt grain boundary. Since both
fine (0.2 pm) and coarser grains (3 pwm) are present in
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Figure 6. WC grains grown during cooling for: ¢ — 30; b — 60 min

the source tungsten carbide powder, according to the
Gibbs—Thomson effect, when a liquid phase is formed,
fine WC grains dissolve in it (due to their high surface
energy) with subsequent precipitation on coarse, more
stable grains, which leads to their growth. Thus, the re-
crystallization process includes: 1 — dissolution of fine
particles (transition of atoms from the particle surface
into the melt); 2 — diffusion of atoms in the liquid;
3 — precipitation of the solved substance on coarse
grains.

In addition to grain growth, “coalescence” of
grains occurs due to their slight displacement relative
to each other and fusion due to the coincidence of
identical crystallographic planes.

That is, increasing the cooling time leads to an in-
crease in the amount of coarse carbide grains and the
formation of continuous contacts between them. The
driving force for this stage is the reduction of the sur-
face energy of the boundaries of carbide particles. To
prevent the growth of tungsten carbide grains, growth
inhibitors such as chromium and vanadium carbide

Table 1. Hardness and crack resistance of hard alloys with differ-
ent cooling times

Cooling time, HRA K, MPam'? | HV,,GPa
min
18.6 155
3 172 15.6
89.5-90.7 18.5 15.6
30 152 15.7
60 16.8 14.1

Table 2. Properties of hard alloys of foreign manufacturers

are most often used, which are added to the source
charge in an amount of up to 0.5 % [16].

When studying the influence of cooling time on the
mechanical properties of hard alloy specimens, the hard-
ness and crack resistance of the produced materials were
determined. The research was carried out by the inden-
tation method with a load on the indenter of 30 kg, the
results are given in Table 1. Table 2 shows the properties
of hard alloys from foreign manufacturers.

It is typical for the produced specimens that with
an increase in the cooling time, a decrease in the hard-
ness of the specimens and a decrease in the crack resis-
tance are observed. This behaviour can be explained
as follows: tungsten and carbon, which dissolve in the
liquid phase during sintering of the hard alloy, do not
have time to crystallize in the form of tungsten carbide
at a high cooling rate. Then the cobalt metal matrix is
essentially a solid solution, which causes additional
stresses in the material and prevents the crack from
propagating during indentation. As the cooling time
grows, the amount of solid solution decreases, and ac-
cordingly the crack resistance decreases. To establish

lwce we

wC .
Co wC WC

: j .
60 min WC

w: "%...w’ ”’w’w \wJ\ﬁM i

Intensity

Binding K. HV,, |1 ’\*
Manufacturer content, % HRA MPa-m'? GPa ‘J w ww
Ceratizit, CTF12 6 21 | 99 | 162 w \ Vo ,u A "
Ceratizit, CTM17 8.5 90.4 11.3 14
Ceratizit, CTE20 10 87.6 18 11.2 20 6(} gu |(]() 20
T.aegu.tec., UFI_O 10 92 14.7 16 Figure 7. Diffraction patterns obtained from specimens of hard
Mitsubishi, GTil5 8 90 14.7 _ alloy of WC—-8Co composition with different cooling times
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the phase composition, X-ray diffraction studies were
performed. The diffraction patterns of the produced
specimens are shown in Figure 7.

As is seen from the obtained results, the diffraction
maxima from WC for all specimens are symmetrically
located relative to each other, displacement of peaks
is not observed. For cobalt, a diffraction maximum
is determined, corresponding to a cubic lattice. The
n-phase and free carbon were not revealed by X-ray
phase analysis.

CONCLUSIONS

It is shown that the use of electron beam heating provides
the production of hard alloy specimens whose character-
istics are not inferior to world analogues produced by hot
pressing and compression sintering methods.
Microstructural examinations have shown that with
an increase in cooling time, the range of tungsten car-
bide grain sizes grows from 0.4—4.0 to 0.4—10.0 um.
It has been experimentally determined that variation
in the cooling time of the specimens affects the micro-
mechanical characteristics of the hard alloy. The crack
resistance of the hard alloy material produced by electron
beam treatment is 18.6 MPa m'2, while for specimens,
similar in chemical and granulometric composition pro-
duced by compression sintering, it is about 14 MPa-m'?,
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ABSTRACT

The paper studies the effect of pulse plasma treatment on the physical and mechanical properties of 40Kh steel. The structural
and phase changes were studied in the surface layers using metallographic and X-ray phase analysis. Cyclic action and high
heating and cooling rates in the surface layers lead to a change in the kinetics of phase transformations, generation of inho-
mogeneous distortions of the crystal lattice as a result of phase strain hardening, a decrease in the dispersion of the structure,
formation of an increased dislocation density, etc. Tribological tests for wear resistance were carried out under fluid friction
conditions at various loads and sliding speeds. Comparative data on the extent of linear wear and wear intensity of the test

samples were obtained.

KEYWORDS: pulse plasma treatment, structural alloy steel, structural phase analysis, hardness, microstructure, friction pair,

wear

INTRODUCTION

One of the pressing and actively studied problems in
the field of mechanical engineering is the improve-
ment of reliability and durability of friction units.
Machine components operating in friction pairs un-
der conditions of intensive wear, cyclic loads, and
vibrations are subject to special requirements for the
wear resistance of the friction surface, while simulta-
neously ensuring high dynamic strength of the entire
product. In this sense, the development of new and
the improvement of existing technological methods
of surface treatment of materials and machine com-
ponents appears highly promising. These include
various coating methods, ranging from ion-plasma
to gas-thermal spraying; methods of alloying, chemi-
cal-thermal treatment, or implantation of surface lay-
ers with strengthening elements; and different meth-
ods of thermomechanical surface treatment, among
others. Perhaps one of the most extensively studied
directions in strengthening surface layers of different
machine parts and assemblies is the treatment of ma-
terials with concentrated energy sources (CES) [1-4].
Electron beam, laser energy sources, or plasma jets
are predominantly used as CES.

During exposure to concentrated energy sourc-
es, the surface is heated followed by cooling due to
heat dissipation both into the material and the envi-
ronment, resulting in structural-phase transformations
in the surface layer. The nature of the heating source,
heat flux, and exposure time of the surface affect the

Copyright © The Author(s)

properties of the thermally strengthened layer (its
thickness, physical and mechanical characteristics,
phase composition, and dispersion). High-speed heat-
ing methods are always characterized by insufficient
time for the running and completion of equilibrium
structural transformations. Due to changes in the ki-
netics of phase transformations, grain refinement, and
the formation of increased dislocation density under
conditions of high-speed heat treatment of the mate-
rials, it is possible to obtain the required set of me-
chanical and physical properties of material surfaces
(such as high hardness, wear resistance, corrosion re-
sistance etc.). Heating using CES can be carried out in
both continuous and pulsed modes [5]. Compared to
conventional heat treatment methods, the pulsed CES
heating mode is applied over a very short period (ap-
proximately 10°—107s). As a result of intensive heat
removal into the metal and the surrounding environ-
ment, the cooling time is also several orders of mag-
nitude shorter (10°~10° s) than during conventional
cooling in liquid quenching media.

In addition, the use of CES proves to be highly effec-
tive for carrying out thermal-cyclic treatment of metals
and machine components. After such treatment, the sur-
face layer acquires a fine-dispersed structure. It is well
known that, at equal hardness, steel with a fine-grained
structure has significantly better wear resistance than
coarse-grained steel, since the latter demonstrates lower
resistance to brittle fracture [6]. As tools for implement-
ing pulsed thermal-cyclic treatment of parts, in addition
to laser and electron beam devices, plasma generators
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based on powerful pulsed electrical discharges are effec-
tively employed [7, 8]. At the PWI, one variant of such
generators was developed and is successfully applied as
research equipment both in scientific laboratories [9, 10]
and in industrial settings [11].

THE AIM

of this study is to investigate the effect of pulsed plas-
ma treatment (PPT) on structural-phase changes in
surface layers and on their wear resistance under lu-
bricated friction conditions.

EQUIPMENT, MATERIALS,
AND RESEARCH METHODS

Steel 40Kh (AISI 5140) was selected as the mate-
rial for investigation. Its chemical composition is
as follows, wt.%: C — 0.36-0.44; Si— 0.17-0.37;
Mn — 0.50-0.80; Cr — 0.8-1.10, balance — Fe.
Steel 40Kh is characterized by increased strength,
hardness, and wear resistance. It is widely used
across various industrial sectors for manufacturing
components and parts operating under high loads,
such as shafts, gears, axles, gear wheels, etc. Ow-
ing to its mechanical properties, 40Kh steel is also
applied in the automotive, mechanical engineering,
shipbuilding, and energy industries, where a reli-
able and durable material is required.

For the study of the structural-phase state of sur-
face layers, a series of samples of steel 40Kh sized
15x15%x10 mm was prepared. Tribological experi-
ments were carried out on bushings (Figure 1). A disk
with a diameter of 90x10 mm made of ShKh15 steel
was used as a counterbody.

The hardness of steel 40Kh in its initial (as an-
nealed) state was measured using the Brinell method
and found to be 212-217 HB. Before PPT, the samples
underwent standard heat treatment. An electric fur-
nace was used for heating, quenching, and tempering.
The heating temperature for quenching was 850 °C,
which ensured maximum hardness and strength of
the material. After soaking in the furnace the samples

12
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Figure 1. Test sample: bushing (40Kh); WS — working surface

were quenched in oil, followed by low-temperature
tempering at 200 °C for 1 hour.

The treatment of the samples was performed using
a pulsed plasma generator (Figure 2), characterized by
the capability of switching electric current through a
partially ionized gas behind the detonation wave front.
This enables generation of pulsed plasma with a fre-
quency of 1-4 Hz and energy up to 7 kJ. PPT ensures
rapid heating of the surface layer (10°-10"* s heating
time), followed by intensive cooling due to heat remov-
al into the bulk of the product. The high heating and
cooling rates (up to 107 K/s) promote the formation of
fine-dispersed crystalline structures and high disloca-
tion density. The principle of operation and technical
parameters of the device are described in [12, 13].

Parameters of pulsed plasma treatment were as follows

Voltage of capacitor bank, kV........ ... ... ... ... ... 32
Capacitance of capacitor bank, puF . .................... 960
Inductance of discharge circuit, uH . .................... 30
Pulse repetition frequency, Hz . ....... ... ... ... ...... 2
Distance to treated surface, mm . ....................... 50
Effective plasma spot diameter on the surface, mm......... 10
Number of pulses per spot . ................ i, 5
Material of eroded electrode. . ......................... W

For chemical etching of the microsections under
investigation, a 4 % nitric acid (HNO,) solution was
used. Visual analysis of the samples was performed
with a Versamet-2 optical microscope. The micro-
structure of the surface layers was examined using a
Quanta 200 3D scanning electron microscope. Mic-

CsHs
8

02

Air

N

L

Figure 2. Pulsed plasmatron: / — detonation chamber; 2 — pow-
er supply; 3, 4 — coaxial electrodes; 5 — eroded electrode; 6 —
plasma; 7 — workpiece
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Figure 3. Schemes of the main units of friction machines: « — working unit of end friction machine; b — working unit of a re-

verse-friction machine

rohardness was measured in accordance with DSTU
ISO 6507-1:2007 on an AFFRI DM8-B microhard-
ness tester using the Vickers method with an indenter
load of 50 g. Structural studies were carried out by
X-ray diffraction analysis (filming in FeK radiation
on a DRON-3M diffractometer).

The determination of tribotechnical characteris-
tics of the parts was performed on end and reverse
friction machines. Lubrication of the samples in the
friction machines was carried out with I-50A type oil
and RZh-3 water—oil emulsion, both supplied contin-
uously to the friction zone.

The working unit of the end friction machine is
shown in Figure 3, a. The moving sample — disk
1 — was mounted on table 2, which rotates around the
vertical axis, driven by the machine. Three stationary
samples — bushings 3 — were fixed in a holder and
pressed against rotating disk / by their end faces.
Hose 4 connected to to the holder from a pump sup-
plied lubricant into the friction zone. Lubricant was
supplied from a 20 L tank by a pump with a capacity of
3 I/min, and returned to the tank by gravity after pass-
ing through the friction zone. The load on the holder
with the samples was applied by lever 5 with weights,
transmitted through fork 6. A ball 7 was placed be-
tween the fork and the holder to ensure self-alignment
of the holder with samples relative to the disk. During
holder rotation caused by friction forces, the key of
the holder engaged the slot of the fork and turned it.
At the upper end of the fork, a rod § was rigidly fixed,
pressing against a strain gauge 9. For friction force
measurement, the signal from the strain gauge was
transmitted to and processed by a weight controller.

The working unit of the reverse friction machine
is shown in Figure 3, b. The moving sample — disk
1 — was fixed on carriage 2 mounted on four rollers
3. The carriage was connected via ring 4 to a slid-
er driven by a crank-slider mechanism. The drive of
the machine provided adjustable reciprocating motion
with a stroke length of 20—70 mm and a double-stroke
frequency of 95-320 per minute. The stationary sam-
ple — bushing 5 — was fixed in a hole of the holder,
which was hingedly attached to shaft 7 through elastic
ring 6. Loading of the samples was achieved by lever
8 with interchangeable weights on its free end. The
force was transmitted through rod 9 to the holder with
the stationary sample. Lubricant was supplied from a
special drop-feed system to the holder via hose /0 at
a rate of 3 drops per minute. The friction force was
determined using a strain gauge glued to elastic ring 6
and connected to the weight controller.

Wear of the stationary samples (bushings) was
evaluated by measuring their mass loss with VLR-200
type analytical balances. Prior to weighing, the sam-
ples were washed twice in purified gasoline, then in
acetone. After that, the samples were dried in a ther-
mostat at 60 °C for 1 hour. The error in determining
the sample mass using this procedure did not exceed
0.0002 g, with the average mass of one bushing being
about 7 g.

RESEARCH RESULTS AND DISCUSSION

In 40Kh steel of the pearlitic class, martensite and
retained austenite (5-8 vol.%) are formed as a result
of quenching. The hardness of the steel after quench-
ing reached 58 HRC. During low-temperature tem-
pering (200 °C), tempered martensite is formed due
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Figure 4. X-ray diffraction pattern of 40Kh steel: a — after heat
treatment (quenching + tempering); b — after pulsed plasma
treatment

to the transformation of retained austenite, as well
as a decrease in the degree of tetragonality of mar-
tensite caused by the release of excess carbon from
the a-solid solution. This leads to a slight decrease in
hardness to 52 HRC.

A typical X-ray diffraction pattern of the sample
surface after quenching and low-temperature temper-
ing is shown in Figure 4, a. The phase composition of
40Kh steel is mainly tempered martensite with a small
amount of retained austenite. PPT of the samples re-
sults in significant changes in the structural-phase
composition in the surface layers (Figure 4, b).

The observed structural changes are consistent
with the general concept of surface hardening using
SDE (strongly non-equilibrium processes). After PPT,
X-ray diffraction shows a broadening of the a-Fe lines
and an increase in the intensity of the y-Fe lines. The
main contribution to line broadening comes from lat-

tice defects caused by phase hardening during rapid
quenching, as well as carbon inhomogeneity due to
the high heating rate and the absence of soaking at
high temperature. The broadening of the a-phase lines
for this reason is associated with the heterogeneous
tetragonality of martensite.

It should also be noted that despite the increase in
austenite content (up to 15 vol.%) after PPT, the hard-
ness of the surface layers (as will be shown below)
increases due to phase hardening resulting from re-
versible a«>y transformations under multiple pulsed
impact. The diffraction pattern also shows oxide lines,
the slight formation of which on the surface is related
to the specifics of PPT. Firstly, oxygen is used as a
component of the fuel and, accordingly, of the plas-
ma-forming mixture. Secondly, the treatment is car-
ried out in air.

When examining transverse microsections of the
samples after PPT, the formation of a layered struc-
ture was revealed. It consists of a weakly etched band
up to 35 pm thick (Figure 5) with fine-dispersed mar-
tensite of poorly pronounced optical structure, with an
integral microhardness of HV'50 = 8800-10200 MPa
(Figure 6). The microhardness of this layeris 1.7 times
higher than that of the base metal.

Below the hardened layer, a region up to 25 um
thick with a troostite—martensite structure is formed,
where the integral microhardness decreases to
HV50 = 4500 MPa. In this case, the process of high-
speed heating followed by cooling can be considered
as a kind of tempering. Deeper, the hardness increases
again to the hardness of tempered martensite of the
base metal: HV'50 = 5400-5700 MPa.

Tests of samples with and without PPT were car-
ried out on a pin-on-disc friction machine at sliding
speeds of 2, 3.5, and 5 m/s under loads of 0.5, 0.9,
and 1.3 MPa. In each mode, the test duration was de-
termined by wear of the samples and it lasted no less
than 30 h. The results of tests with industrial oil I-50A
and water-oil emulsion RZh-3 supplied into the fric-
tion zone are presented in the wear dynamics graphs
(Figure 7).

Figure S. Microstructure of the surface layer of 40Kh steel after pulse-plasma treatment: @ — image obtained with an optical micro-

scope; b — image obtained with a scanning electron microscope
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As expected, the use of industrial oil compared
to water-oil emulsion significantly reduced the wear
process. The minimum wear rate was observed in
samples after PPT under all test conditions when us-
ing [-50A oil.

When lubricated with both I-50A oil and RZh-3
emulsion, at a constant sliding speed, wear of the
samples increased with increasing load. Under fluid
friction conditions, increasing the sliding speed con-
tributed to wear reduction, even at higher loads (Fig-
ure 7).

Tests of samples on the reverse friction machine
were carried out under drop lubrication with emul-
sion. Test modes were as follows: average sliding
speeds were 0.15, 0.3, and 0.45 m/s; loads — 0.5, 0.9,
and 1.3 MPa. The test results are presented in the wear
dynamics graphs (Figure 8). The influence of sliding
speed and load on wear intensity was similar to that
observed on the end friction machine. Wear intensity
increased with load growth and decreased with in-
creasing sliding speed.

Am, 10% g

HV50, GPa

10

8

1 1 1 L L L
0 20 40 60 80 100 120 140
Distance from surface, pm

Figure 6. Change in integral microhardness in the surface layers
of 40Kh steel after PPT

In most engineering calculations, the friction co-
efficient is assumed to be constant. However, under
real conditions, especially under high loads, it may
vary due to changes in contact area, phase transfor-
mations, wear, and other factors. Under fluid friction
conditions, film thickness varies depending on load,
which may also affect the friction coefficient. Studies
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Figure 7. Wear dynamics of bushings on the end friction machine under lubrication: (a) with I-50A oil; (b) with RZh-3 emulsion;
(a, b) — wear dynamics of bushings without PPT; (¢, d) — wear dynamics of bushings after PPT; / — sliding speed 2.0 m/s, load
1.3 MPa; 2 — sliding speed 2.0 m/s, load 0.9 MPa; 3 — sliding speed 3.5 m/s, load 0.9 MPa; 4 — sliding speed 2.0 m/s, load 0.5 MPa;

5 — sliding speed 5.0 m/s, load 0.9 MPa
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Am, 107 IS
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Figure 8. Wear dynamics of parts on a reverse friction machine
with RZh-3 emulsion lubrication: a — wear dynamics of bush-
ings; parts without PPT; — — — parts after PPT; 7, I' — slid-
ing speed 0.15 m/s, load 0.9 MPa; 2, 2" — sliding speed 0.30 m/s,
load 0.9 MPa; 3, 3" — sliding speed 0.45 m/s, load 1.3 MPa;
4, 4" — sliding speed 0.45 m/s, load 0.9 MPa; 5, 5" — sliding
speed 0.45 m/s, load 0.5 MPa

on both the end and reverse friction machines showed
that the fluid friction coefficient changed little during
testing. For samples without PPT on the end friction
machine, depending on run-in time and test mode, the
coefficient ranged from 0.07 to 0.12 and 0.1 to 0.13
when lubricated with I-50A and RZh-3, respectively.
PPT reduced the friction coefficient by an average of
0.015. On the reverse friction machine under drop lu-
brication with emulsion and at the above test condi-
tions, the friction coefficient for untreated and treated
pairs was 0.12—0.16 and 0.1-0.14, respectively.

After prolonged testing of samples on the reverse
friction machine at a speed of 2 m/s and a load of
1.3 MPa, burr tests were carried out on run-in sam-
ples (Figure 9). During the experiment, the load on
the friction pair was stepwise increased by 1 MPa.
At each stage, the pair operated for 10 minutes, af-
ter which the friction force was recorded, and the
load was increased. A maximum load of 15 MPa was
reached, but further load increase was not possible
due to machine design limitations. As a result, burring
could not be achieved.

CONCLUSIONS

1. Using the method of X-ray structural phase analy-
sis, it was shown that after surface PPT of 40Kh steel
samples, a hardened surface layer is formed, consist-
ing of fine-dispersed martensite, retained austenite
(14.8 vol.%), as well as a small amount of oxides. The
increase in retained austenite at high cooling rates
(up to 107 K/s) is associated with the suppression
of high-temperature austenite decomposition during
high-speed martensitic transformation.
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Figure 9. Dependence of the friction coefficient on the load
during stepwise loading of samples on a reverse friction machine.
Sliding speed 2 m/s. I — samples without PPT, friction with
emulsion; 2 — samples after PPT, friction with emulsion; 3 —
samples without PPT, friction with olive oil; 4 — samples after
PPT, friction with olive oil

2. Multiple thermal impact of pulse plasma en-
ables the implementation of surface thermocyclic
treatment, which contributes to the enhancement of
phase hardening due to reversible a«>y transforma-
tions, an increase in dislocation density, and grain re-
finement. As a result, a surface layer with a thickness
of 35 um is formed, exhibiting increased microhard-
ness — HV50 = 8800-10200 MPa, which is 1.7 times
higher than the microhardness of the base metal.

3. Analysis of the presented experiments shows that
the tribological properties of the samples under fluid
friction conditions are significantly improved as a re-
sult of their strengthening by the pulse plasma meth-
od. In particular, the strengthening provides a reduc-
tion in the wear rate of the samples by 1.2-3.7 times
when lubricated with oil and by 1.4-4.3 times when
lubricated with emulsion during tests on an end fric-
tion machine, and by 1.8-3 times on a reverse friction
machine when lubricated with emulsion. In all cases,
the strengthening ensures a reduction in the fluid fric-
tion coefficient by 0.01-0.02.
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ABSTRACT

A significant reduction in carbon dioxide emissions in metallurgy can be achieved by using a mixture of carbon monoxide and
hydrogen for iron reduction. Industrial technologies of direct reduction of iron from ore raw materials are considered. Reactions
in reduction processes are analyzed. It is shown that at temperatures above 800 °C, hydrogen is a more effective reducing agent
than carbon monoxide. Ways of improving the energy efficiency of existing technologies are demonstrated. It is shown that
today the main technology of iron reduction from ore is reduction in shaft furnaces using a mixture of carbon monoxide and hy-
drogen. A generalized scheme of direct reduced iron production is presented. It is shown that in the production of direct reduced
iron, the use of hydrogen makes it possible to halve carbon dioxide emissions compared to the use of natural gas, provided that
electricity is generated from renewable sources or at nuclear power plants. It is concluded that a promising way to eliminate
carbon emissions during the reduction of iron from ore or pellets is the use of plasma technologies.

KEYWORDS: direct reduced iron, hydrogen, shaft furnace, carbon dioxide emissions

INTRODUCTION

The production of pig iron and steel accounts for
about 7 % of global carbon dioxide emissions due
to the use of carbon for iron reduction from ore [1].
At present, the main route for obtaining steel from
iron ore raw materials is iron reduction in blast fur-
naces with the production of pig iron, followed by its
conversion into steel in basic oxygen converters. A
significant reduction of carbon dioxide emissions in
these processes cannot be achieved due to their tech-
nological schemes. In a blast furnace, layers of iron
ore materials alternate with layers of coke, the main
element of which is carbon. The coke layers ensure
the gas permeability of the charge column, maintain
the reducing potential of the gas phase in the upper
part of the furnace, while coke carbon acts as a direct
reducing agent in the lower part of the furnace and
as the main source of energy for heating the charge
and sustaining chemical reactions. In basic oxygen
converters, the carbon in pig iron is oxidized until its
concentration is reduced to the required level in steel.
In this case, carbon combustion is the main source of
energy for the process.

A significant reduction in carbon dioxide emis-
sions in ferrous metallurgy can only be achieved by
using a reducing agent that does not contain carbon.
In terms of availability, cost, environmental friendli-
ness, and reducing properties, the most appropriate
option for iron reduction is the use of hydrogen.

Copyright © The Author(s)
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There are many methods of hydrogen production
[2]. Brown or black hydrogen is obtained by coal
gasification using steam, gray hydrogen by steam re-
forming of natural gas (if carbon emissions are cap-
tured and stored, such hydrogen is called blue), and
turquoise hydrogen by pyrolysis of natural gas with
the formation of solid carbon. However, in all these
methods, extraction of fossil fuels is required, and as
a result, in addition to hydrogen, carbon or its oxides
are formed, which must be utilized. A fundamentally
different approach to hydrogen production is water
electrolysis. In this case, if nuclear energy is used for
electrolysis, the hydrogen is called pink; if electricity
of mixed origin is used — yellow; and if electricity
is derived exclusively from renewable sources it is
called green. Green hydrogen is the most environmen-
tally friendly, but also the most expensive. Therefore,
it is important to ensure minimal hydrogen losses in
the metallurgical process. The substitution of carbon
with hydrogen as a reducing agent would allow for a
significant reduction in carbon dioxide emissions in
metallurgy, but it is clear that in this case a different
technological scheme for producing steel from iron
ore raw materials should be applied. It is also import-
ant to minimize energy consumption from both envi-
ronmental and economic perspectives.

PROBLEM STATEMENT

Iron obtained through direct reduction technologies
is called direct reduced iron (DRI). Its share in the
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total volume of pig iron and DRI production increases
every year. In 2021, it amounted to 7.2 %, in 2022 —
7.9 %, and in 2023 — 8.5 % [3]. In 2023, the vol-
ume of DRI production reached 136 min t [4]. Of this
amount, about 30 % was produced using technologies
based on coal. Most often these are rotary kiln pro-
cesses (for example, the SL/RN process) or rotary
hearth furnaces. The majority of these facilities are
located in India or South Africa, due to the developed
coal industry in these countries. However, the use of
coal carbon as a reducing agent makes it impossible
to significantly reduce carbon dioxide emissions com-
pared to the blast furnace process.

The most widespread group of industrial technol-
ogies for DRI production are shaft furnace reduction
technologies: MIDREX (about 80 % of DRI produc-
tion in shaft furnaces), Hyl/Energiron (17 %), Pered
(3 %), Finmet, Circored, Fior, and others [4-8]. To-
day, the capacity of individual shaft furnaces can
reach 2.5 mln t per year, for example, Tosyali Algérie
and Algerian Qatari Steel (Algeria, MIDREX), Nucor
Steel Louisiana (USA, Energiron).

In a lined shaft furnace, as in a blast furnace, there
is a counterflow of iron-containing charge materials
(lump iron ore or iron ore pellets), which descend
under the action of gravity, and the ascending reduc-
ing gases, consisting mainly of hydrogen and carbon
monoxide. The temperature in the technological pro-
cess is regulated in such a way as to prevent softening
and sticking of the charge materials. Therefore, there
is no need for coke layers in the charge column, one
of whose functions in the blast furnace is to ensure
the gas permeability of the charge. In such processes,
various reducing gases can be used: coke oven gas,
products of coal gasification, natural gas or its conver-
sion products, hydrogen. Most of these installations
have been built in the Middle East, North Africa, and
the Caribbean region, i.e., in areas rich in natural gas.
Accordingly, the technological processes employed
in existing installations are mostly designed for the
use of natural gas or its conversion products. How-
ever, developers note the possibility of adjusting the
technologies for the use of various gaseous reducing
agents without carbon content.

One of the advantages of using gaseous reducing
agents is their purity. Unlike coke and coal, they do
not introduce additional impurities into DRI, such as
sulfur, phosphorus, or arsenic. Thus, the content of
harmful impurities in the product depends only on
the purity of the iron ore raw materials. On the other
hand, all the gangue contained in the iron ore mate-
rials remains in the DRI and enters the steelmaking
furnaces, which leads to an increase in the amount of
slag and energy consumption. Therefore, charge ma-

terials should contain as little gangue as possible. The
optimal composition of iron ore or iron ore pellets is
considered to be, % [5]: Fe = 67.0; SiO, + ALO, = 3.0;
S =0.008; P=0.03; TiO, = 0.15.

There are few deposits of such rich iron ore. In
particular, in commercial ores of the Kryvyi Rih
basin, the average iron content ranges from 46.9 to
65.6 % [9]. This necessitates, as in the blast furnace
process, the enrichment of relatively poor iron ores.
For effective enrichment, the ore is ground, and after
enrichment it is agglomerated to obtain sinter for the
blast furnace or pellets for the blast furnace or for DRI
production. Unlike the blast furnace, the production
of direct reduced iron is possible in a fluidized bed
of finely ground iron ore materials [8, 10, 11]. This is
achieved through the use of gaseous reducing agents
and limited heating of the iron ore raw materials. At
present, such technologies have not yet found wide
application, probably due to the prevention of particle
sticking. However, they undoubtedly have prospects
due to the elimination of the costs of agglomeration,
which could significantly reduce the cost of DRI.

A shaft furnace for DRI production can be divided
into zones of preliminary heating of the charge mate-
rials, reduction reactions, supply of reducing gases,
and discharge of the metallized product [5, 6]. The
main reduction reactions are the reactions of reducing
iron from higher oxides to lower oxides and further to
metallic iron by carbon monoxide and hydrogen:

3Fe,0,+CO — 2Fe,0, + CO,; (1)
3Fe,0, + H, —> 2Fe,0, + H O; )
Fe.O, + CO — 3FeO + CO,; 3)
Fe,O, + H, —> 3FeO + H,0; 4
FeO + CO — Fe + CO,; (5)
FeO + H, —» Fe + H 0. (6)

Reactions (1) and (2) occur relatively easily in the
upper part of the furnace. Reactions (3)—(6) require a sig-
nificant excess of the reducing agent. Table 1 shows the
composition of equilibrium gas mixtures for the reduc-
tion reactions depending on temperature [11].

From Table 1 it can be seen that reactions (5) and
(6), i.e., the reactions of obtaining metallic iron, re-
quire the greatest excess of reducing agent. With in-
creasing temperature, the reducing ability of hydrogen
increases, while that of carbon monoxide decreases in
reaction (5). At temperatures above 800 °C, hydrogen
is a more effective reducing agent than carbon mon-
oxide, and from a thermodynamic point of view, iron
reduction is possible solely due to hydrogen. How-
ever, in any case, less than half of the reducing agent
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Table 1. Composition of equilibrium gas mixtures for reduction reactions of H,0/H, or CO,/CO

Temperature, °C
Reaction
600 700 800 900 1000 1100 1200
3) 55.2/44.8 64.8/35.2 71.9/28.1 77.6/22.4 82.2/17.8 85.9/14.1 88.9/11.1
4) 30.1/69.9 54.2/45.8 71.3/28.7 82.3/17.7 89.0/11.0 92.7/7.3 95.2/4.8
5) 47.2/52.8 40.0/60.0 34.7/65.3 31.5/68.5 28.4/71.6 26.2/73.8 24.3/75.7
6) 23.9/76.1 29.9/70.1 34.0/66.0 38.1/61.9 41.1/58.9 42.6/57.4 44.5/55.5

can be used for the reduction of iron to metal under
equilibrium conditions. In real industrial processes,
the equilibrium is not achieved, and therefore an even
greater excess of the reducing agent is required. Ob-
viously, for the economic use of reducing agents, the
off-gases from the shaft furnace must be cleaned and
reused.

As aresult of the reduction reactions, the degree of
iron metallization in industrial technologies amounts
to about 94 %.

The use of DRI is most appropriate for steelmak-
ing in electric arc furnaces (EAF). On the one hand,
the operation of an EAF does not lead to significant
carbon dioxide emissions provided that electricity
is generated from clean sources. On the other hand,
DRI, unlike scrap metal, is characterized by a known
and stable chemical composition and, given the purity
of the iron ore raw materials, its use does not require
significant means of steel refining.

Initially, the product of shaft furnace units con-
sisted only of metallized pellets cooled prior to dis-
charge — Cold Direct Reduction Iron (CDRI) [5].
However, they have a certain drawback — a tendency
to oxidize and even self-ignite due to their developed
surface area [11]. Therefore, for more convenient
and safe transportation and storage, some plants later
introduced the discharge of hot product into a roll-
er press, where it is formed into dense pillow-shaped
briquettes — Hot Briquetted Iron (HBI). In 2023, the
share of HBI amounted to about 9 % of total DRI pro-
duction [4].

7 6 5 |e 4 Pellets
l Preheating
zone
8 Reduction
reactions
l zone
Reducing
— | ! » 2 agen}s
supply zone
Natural gas > T Discharge
Coke oven gas Fuel zone of
Hydrogen uel  Oxygen metallized

Synthesis gas products

DRI

Figure 1. Technological scheme of DRI production: / — humidi-
fier; 2 — heater; 3 — shaft furnace; 4 — heat exchanger; 5 — fil-
tration system; 6 — water removal equipment; 7 — compressors;
8 — CO, removal equipment
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Obviously, cooling DRI upon discharge from the
shaft furnace and its subsequent reheating in the steel-
making furnace results in unnecessary energy, eco-
nomic, and resource losses. Therefore, at some steel
plants equipped with both shaft reduction furnaces
and electric arc furnaces (EAF), the practice of dis-
charging Hot Direct Reduction Iron (HDRI) has been
implemented [5]. As a result, in addition to reducing
the specific consumption of electricity, the productiv-
ity of steelmaking furnaces increases by up to 20 %
[12]. This is because less energy and time are required
to heat DRI to the melting temperature, thereby short-
ening the overall melting cycle. An empirical rule
shows that electricity consumption decreases by ap-
proximately 20 kW-h/t of liquid steel for every 100 °C
increase in DRI temperature. Thus, energy savings
at DRI temperatures above 600 °C can reach up to
120 kW-h/t. Additional advantages, besides reduced
electricity consumption, include lower electrode and
EAF lining consumption and the possibility of using
less powerful electrical equipment. Reduced energy
consumption, in turn, leads to lower environmental
pollution. In 2023, HDRI accounted for about 11 % of
DRI production [4].

Depending on plant layout, different systems may
be applied to transport HDRI to the steelmaking shop:
conveyors (for distances up to 200 m), transport ves-
sels (for distances above 100 m), or, if the distance is
within 40 m, specialized systems such as HOTLINK
[5]. The latter transfers HDRI at temperatures up to
700 °C directly into a neighboring EAF, enabled by
positioning the MIDREX shaft furnace adjacent to
the external wall of the steelmaking shop. HDRI is
discharged hot into a storage bin and then fed directly
into the EAF with minimal heat losses. HDRI trans-
portation occurs by gravity. Due to the airtight design
of the HOTLINK system, no re-oxidation of HDRI
takes place. The HOTLINK system is designed to al-
low for the discharge of HBI or CDRI, in case the
EAF does not require HDRI at a given moment, with-
out stopping production [12].

A generalized flow diagram of DRI production is
shown in the Figure 1.

Reducing gases (coke oven gas, coal gasification
products, natural gas or its conversion products, hy-
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Table 2. CO, emissions depending on the composition of the reducing gas mixture and the method of electricity generation, kg CO,

per 1 t DRI [6]

Gas 100 % NG 50 % NG + 50 % H, 20 % NG + 80 % H,
Source of electricity Nuclear/ NG Coal Nuclear/ NG Coal Nuclear/ NG Coal
renewable renewable renewable
Direct emissions during DRI production 495 - 287 - - 200 - -
Emissions associated with electricity use:

in the reduction proces > | s 2w | s | 2 | e | o
» Productio 0 0 31 754 1262 46 1114 | 1864
Total emissions 495 545 579 320 1086 1624 248 1356 2135

drogen) are supplied to the humidifier /, where steam
is used for the conversion of hydrocarbons. Subse-
quently, in the heater 2, the gas mixture is heated to
the required temperature. The heated gases are then
introduced into the shaft furnace 3 for utilization in
reduction processes. Oxygen may be added to the gas
mixture prior to entering the shaft furnace in order to
further increase its temperature.

The gases leaving the shaft furnace first pass
through the heat exchanger 4 to ensure efficient utili-
zation of thermal energy. They are then directed to the
filtration system 5, where the gases are cleaned primar-
ily of iron ore dust. At the next stage 6, cooling leads to
the removal of water. Further, part of the gases can be
used as fuel for heating the reducing gas mixture, while
another portion, with the aid of compressors 7, is sent
to the CO, removal unit &. As a result, the gas mixture,
now contains in predominantly reducing gases, and is
reused in the reduction processes.

The presented scheme is generalized and may vary
depending on the technological features of a specific
plant. In particular, when hydrogen is used as the sole
reducing agent, the stages of humidification / and
CO, removal from the off-gas & are omitted.

As noted above, there are numerous methods for
hydrogen production, with the most environmentally
attractive option being the use of H, obtained via wa-
ter electrolysis for reduction processes. However, when
discussing environmental sustainability, CO, emissions
associated with the production of electricity required
for electrolysis must be considered. For example, the
authors of study [6] estimated the approximate amount
of CO, generated during DRI production under different
natural gas (NG) to hydrogen ratios in the reducing gas
mixture and under various electricity generation scenar-
ios, making the following assumptions: the electricity
consumption for producing 1 kg of hydrogen via elec-
trolysis is 56 kW-h; CO, emissions per 1 kW-h of elec-
tricity amount to 20 g when generated from renewable
sources or at nuclear power plants, 490 g when generat-
ed by natural gas combustion, and 820 g when generated
by coal combustion.

The results of these investigations are presented in
Table 2 [6].

Thus, the use of hydrogen as a reducing agent in
shaft furnace—based DRI production allows a reduc-
tion of carbon dioxide emissions by approximately
half, provided that the electricity required for hydro-
gen production is generated from nuclear or renew-
able sources — i.e., when using so-called pink or
green hydrogen. On the other hand, reliance on elec-
tricity from fossil fuel-based power plants leads to a
substantial increase in CO, emissions. It should also
be emphasized that these calculations are valid for op-
erations following the schematic process shown in the
Figure 1, i.e., under the condition of reusing the gases
exiting the shaft furnace.

It is evident that the reduction of CO, emissions
in metallurgy is ensured by decreasing electric-
ity consumption at any stage of steel production.
As noted above, significant power savings can be
achieved through the production of hot direct re-
duced iron (HDRI).

Another potential pathway for reducing CO,
emissions in metallurgy is the application of plas-
ma technologies. In particular, iron reduction in the
molten state within plasma furnaces using reducing
gases — including hydrogen [1, 13] and even the
thermal decomposition of iron oxides [14] is con-
sidered feasible. The hot reducing gases discharged
under such conditions from plasma furnaces could
then be utilized either directly for iron reduction
in shaft furnaces or for preheating the reducing
gases fed into the shaft furnaces. However, these
approaches still require further research, both in
the field of plasma technologies proper and in the
development of methods for their integration into
shaft furnace—based iron reduction processes.

CONCLUSIONS

1. The primary group of technologies for direct iron
reduction from ore feedstock is shaft furnace—based
reduction processes. Hydrogen, as a component of
reducing gases, actively participates in the reduction
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reactions. From a thermodynamic perspective, even
the use of pure hydrogen as an iron reducing agent is
feasible in these technologies.

2. In DRI production, the use of hydrogen allows
reducing CO, emissions by half compared with nat-
ural gas, provided that electricity is generated from
renewable sources or at nuclear power plants.

3. The application of plasma-based hydrogen re-
duction technologies represents a promising pathway
for decreasing CO, emissions in metallurgy. How-
ever, further research is required, both regarding the
technological features of the process and the design
aspects of shaft furnaces.
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